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Abstract- This paper presents a 100 kW switched tank converter
(STC) using SiC MOSFET:s for transportation power electronic
systems. This bidirectional dc-dc converter targets 300 V - 600 V
voltage conversion. Total semiconductor loss index (TSLI) has
been proposed to evaluate topology and device technologies. The
boost converter and one-cell STC have been fairly compared by
utilizing this index. The detailed STC design procedures including
SiC MOSFET, heatsink, resonant tank components, and DC
capacitors are explained in detail. The simulation results of a 100
kW one-cell STC working at zero current switching (ZCS) mode
have been provided. A 100 KW 1% generation hardware prototype
using 1200 V 600 A SiC power module has been built and tested.
The power density of the main circuits is about 42 kW/L. The
desirable thermal performance of the hardware prototype is
demonstrated, which is consistent with the theoretical design. The
measured efficiency reaches peak 98.7% at around 30 kW, and is
about 98.5% at 50 kW, 97.4% at 100 kW full load.

Indexed Terms—dc-dc converter, SiC MOSFET, switched tank
converter, zero current switching, transportation electrification,
total semiconductor loss index (TSLI).

1. INTRODUCTION

High power dc-dc converters have been widely applied in
multiple transportation electrification areas such as aeronautical
power distribution systems [1]-[3], electric ship power
networks [4][5], and electric vehicles [6]. In aerospace
secondary power distribution networks, the dc-dc converters
are needed to interface the battery and the DC bus [7]. It
provides the desired voltage for different load requirements
[1][7]. For the marine vessels, the dc-dc converters also play an
essential part in the integrated power systems in the propulsion
units [8]-[11]. The shipboard DC power systems promote more
energy saving compared with the conventional AC systems by
adjusting the motors to work at an optimal speed [8]. In hybrid
electric vehicle power trains, a bidirectional de-dc converter is
normally used to boost the battery voltage to a higher DC bus
voltage to drive the high voltage electric motors or generators
using a 3-phase voltage source inverter [12]-[14]. Typical
voltage requirements of such a de-dc converter are 300 V on the
battery side and 650 V on DC bus side [15]. It aims to regulate
the bus voltage, protect the battery from over/under voltage,
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excessive charge/discharge currents [15]-[17]. In a recent
report of U.S. Department of Energy [6], by 2025, the electric
traction drive system cost is expected to be lower than $2.7/kW,
and the power density is supposed to exceed 100 kW/L based
on the 100 kW power level. To achieve this goal, a proper
topology with optimized device and passive component design
should be deliberated and experimentally verified.
Conventional bidirectional boost/buck converter is a basic
solution for such applications. A 40 kW bidirectional dc-dc
converter based on boost topology is designed in [18] with 6
kW/L power density working at 20 kHz switching frequency.
However, conventional boost converter suffers from low
efficiency and bulky reactive components. To reduce the input
and output capacitor size, a 3-phase interleaved boost converter
with discrete inductors is assembled to achieve a power density
of 30.8 kW/L and 97.9% peak efficiency [19]. But the total
inductor core volume is about 1.3 Liters, which is very bulky.
To overcome this issue, constant frequency quasi square wave
zero voltage switching (ZVS) 3-phase interleaved boost
converter is studied in [20]. But it is inefficient at light load.
Variable-frequency boundary mode quasi square wave ZVS
control is applied in a 200 kW Si IGBT based prototype [15] to
further increase the peak efficiency to 98%, but the power
density is only 6 kW/L. Besides, ZVS is realized to improve the
efficiency based on a 150 kW, 8.6 L interleaved boost dc-dc
converter with multiple split DC sources, but the power density
is 17.44 kW/L [21]. Another widely investigated topology for
this application is flying capacitor multilevel converter (FCMC)
[22]-[25]. To increase the voltage conversion flexibility, an
inductor is placed on the DC input side [12][26]. Over 97%
efficiency at 30 kW continuous operation is claimed in [12] by
using FCMC with a power density around 8.612 kW/L.
However, it is difficult to realize a compact mechanical layout
design considering the separate locations of the DC-side
resonant inductor and AC-side resonant capacitor. SiC
MOSFET power modules have shown better efficiency and
higher temperature capability compared with the Si
counterparts [27]-[30]. 1200 V 100 A SiC MOSFET power
modules have been applied in a boost based 60 kW dc-dc
converter, which can achieve 20 kW/L power density [31].
However, hard-switching operation at 75 kHz switching
frequency doesn’t fully utilize their advantages, which degrades
the overall 98.7% peak efficiency. Recently, resonant
multilevel dc-de converters, resonant switched capacitor
converters, and switched tank converters are investigated for
their modularity, high power density and high efficiency
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[25][32]-[37]. But the high power applications of these
topologies have not been well explored.

Since different topologies use different voltage rating
devices, it is difficult to compare the semiconductor die area
usage among topologies. Relative total semiconductor chip area
is introduced in [38], but it does not consider the relationship
between total die area and the device power loss. Total
switching device power is defined in [39] using the product of
switch voltage and current stresses as the evaluation method.
But it cannot indicate the optimized die area requirement for
different topology designs. Dr. B. Jayant Baliga proposed a
device-level index called figure of merit in [40], but it fails to
evaluate the total device power loss among different topologies
by using only on-resistance and the total gate charge.

This paper presents a switched tank converter (STC) for the
100 kW transportation electrification applications. It has the
modular structure only utilizing low voltage and low current
rating devices to achieve high voltage, high current, and high
conversion ratio application. It can achieve soft switching
strategies including ZCS [32][41][42] and ZVS [43] to
minimize the switching losses with the help of the resonant tank
design and appropriate control methods. High switching
frequency could be adopted to minimize the resonant
components’ size. The low on-resistance feature of SiC
MOSFET can be fully leveraged. In different electric vehicle
applications, various voltage transfer ratios may be desired,
which means different number of cells should be used for the
proposed STC topology. For the specific application in this
paper, i.e. 300 V — 600 V conversion, only one cell of the
generalized STC structure is needed. Moreover, if the voltage
regulation is expected in some applications, the ZVS control
could be used to realize this function [35][44]. Another
derivative STC topology could also regulate voltage with
minimum efforts. This STC is integrated with a partial power
processed voltage regulator [37]. It could achieve high voltage
conversion ratio using multiple STC cells and achieve full
voltage regulation without ZVS. This paper will focus on the
one-cell STC for the 300 V- 600 V 100 kW vehicle application.

Although only 650 V SiC device is needed for such
application, due to the high-current SiC module availability,
1200 V SiC power modules are selected for the hardware
prototype design. In order to overcome the previous mentioned
issue of comparing topologies with different device voltage
rating, this paper proposes the total semiconductor loss index
(TSLI) as the topology evaluation method. It tries to generate
the relationship between the converter total semiconductor die
area and the total device power loss. Different topologies could
achieve similar power loss at their own optimization points with
different semiconductor die area. The semiconductor die area
has a direct relationship with the manufacturing costs. Thus, a
customized die area usage for a converter with specific
electrical parameters helps optimize the efficiency with
reasonable device manufacturing costs. Therefore, a relatively
fair total semiconductor power loss comparison assuming the
same die area usage is important. It provides a more
comprehensive understanding about which topology can
achieve the lower power loss with the same die area usage.

Compared with the state-of-art high-power dc-dc converter
research, this paper endeavors to apply a new topology derived
from resonant switched capacitor concept and introduces a new
evaluation index to compare potential topology candidates in
terms of the device power loss and chip die area. High-power
design challenges of both the active switches and passive
components are analyzed. The corresponding solutions are
provided in detail. A 100 kW hardware prototype using the
proposed topology achieving 98.7% efficiency and 42 kW/L
power density has been developed and tested. The circuit
operation, component design procedure as well as hardware
prototype experimental results will be presented in this paper.

II. CIRCUIT STRUCTURE AND OPERATION PRINCIPLE

Fig. 1 shows the proposed generalized N-cell STC. Each
cell can be considered as a four-terminal two-port network with
two terminals on the input port and two terminals on the output
port. All the cells share the same input and output port voltage.
In the generalized N-cell STC architecture, N input ports are
connected in parallel and N output ports are connected in series,
while the bottom terminal of the output port in the 1% cell is
connected with the top terminal of the input port, as shown in
Fig. 1. As a result, the output voltage is (N+1) times Vi,. A
voltage transfer ratio of 1:(N+1) can be realized in a N-cell STC
topology. The proposed topology can also provide opposite
current flow when the input and output terminals are reversed.
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Fig. 1: Generalized N-cell STC topology with voltage transfer ratio 1:(N+1)

Each cell of the proposed STC is composed of two half-
bridges, one resonant tank and two clamping capacitors on both
the input and output sides. All the switch voltage stress of the
proposed STC is equal to the low side voltage, which makes it
more suitable for higher voltage applications. Recently
published STCs [32][41][42] have some switches with voltage
stress twice of the low side voltage, which are more suitable for
the low voltage applications, e.g. 48 V — 12 V, where the 25 V
and 40 V devices can be utilized. However, for the high voltage
applications, the devices with voltage rating twice of the input
voltage might not be available. The proposed STC could utilize
all low voltage devices to achieve the high output voltage, e.g.
300 V — 1200 V utilizing the 650 V GaN HEMTs. The resonant
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tank of the cell #i’s capacitor C,; DC bias voltage equals to i
times V;,. The inductor L,; has pure AC current. Thanks to the
clamping of the capacitor C; in each cell, the drain-source
voltage stress of the switches is clamped to the low side voltage.
For the current stress evaluation, from the switch current s in
Eq. (1), the switch average current sy is shown in Eq. (2)
[45], which is //z of the switch peak current Ispk).

In this N-cell generalized STC topology, the average switch
current Is.yg) is equal to the current on the low-current side.
The current stress is 7 times the current on the low-current side.
The detailed operation principles of the N-cell STC have been
published in [37]. This paper will focus on the one-cell STC.
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In order to validate the proposed topology for high voltage
high power application, a 100 kW one-cell STC has been
designed, developed and tested. Fig. 2(a) shows the utilized
one-cell STC topology for the 100 kW 300 V — 600 V
application. This topology has been briefly mentioned in [33],
but the soft switching operation principles have not been
illustrated in detail. There are two main switching modes of this
STC operating at ZCS. When S, and S; are ON, the switching
mode I is presented in Fig. 2(b). The resonant capacitor Cr is
charged and resonant inductor Ly stores energy. When S: and .Sy
are ON, the resonant capacitor Cx discharges together with the
input voltage source in the switching mode II as presented in
Fig. 2(c). The resonant inductor L releases energy in this mode.
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(a) One-cell STC (b) Switching mode I

Fig. 2: One-cell STC and equivalent circuits of the two switching modes

(c) Switching mode II

Fig. 3 presents the ideal operating waveforms of this
topology. In switching mode I, C; keeps releasing energy to the
load. C;, releases the energy most of the time. In switching
mode II, C; stores energy most of the time. Ci, keeps storing
energy. According to the analysis in the generalized N-cell STC
topology, the voltage transfer ratio is 2 in this one-cell STC
circuit. As a result, a voltage doubler is achieved.

1. TOTAL SEMICONDUCTOR LOSS INDEX (TSLI)

Different topologies use devices with various voltage
ratings and operate at their own optimized output power. As
investigated above, multiple topologies such as boost converter,
FCMC could achieve relatively high efficiency by selecting
specific semiconductor die areas at the same power rating. But
different from the traditional boost converter, the FCMC and
STC topologies utilize the devices with lower voltage rating.
Thus, how to evaluate these topologies needs to be deliberated.
A new evaluation index called total semiconductor loss index

Mode | e | |

Ver

0

Fig. 3: Theoretical waveforms of the one-cell switched tank converter

(TSLYI) is proposed to relate the device power loss with the total
die area usage so that minimal device power loss with an
optimized die area can be achieved.

The product of on-resistance Raus,n) and die area Aq;. , called
specific on-resistance has been regarded as an index to reflect
the device technologies [46]-[51]. By taking Cree/Wolfspeed®
SiC MOSFET die for example, the Rason)*Aaic versus breakdown
voltage V3 and the junction temperature 7; is plotted in Fig. 4.
It can not only reflect that the specific on-resistance decreases
with the voltage rating reduction, but also show the junction
temperature’s positive impact on the specific on-resistance. The
FCMC and STC topologies utilize the devices with lower
voltage rating to achieve smaller specific on-resistance, which
indicates lower conduction loss and smaller diec area. However,
the device number increases with extended modules, which
dwarfs these advantages. Therefore, by evaluating the total
semiconductor die area usage, the topology-level specific on-
resistance can reflect the impact of different chip technologies
on the device conduction loss among various topologies.

o
g 5
E 4
< 3.
< 2
5
= 0
200
o 2000
7,100 = N

Fig. 4: Specific on-resistance vs. breakdown voltage and junction temperature
(Take Cree/Wolfspeed® SiC MOSFET die for example)
Basically, the relationship between Ryson)*Aaie and Vp can be
represented by using the on-resistance technology function a/(¢,
V) in Eq. (3) [46]-[51]. It is derived from the theoretical SiC
Rision)Aaie versus Vp curves and the product information.
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Rd.v(on) - Ay, = a(fu Vg ) =<- (VB )X (3)
where, ¢ is the constant dependent on semiconductor
manufacturing technologies. X is an exponent close to 2. The
theoretical SiC limit asic(S, V) is presented in Eq. (4).
Age (E,V,)=4x107" (V)™ 4)
The on-resistance technology function is represented as
ai(¢ V) in Eq. (5) for SiC MOSFETSs from Rohm and ax(&, V)
in Eq. (6) for those from Cree, based on the curve fitting results.
o, (£,V,)=3.984x107 (V) O]
a, (&V,)=6x10"° (7, )" (6)
With different companies’ semiconductor technology, the
on-resistance technology function a(& Vp) varies. Therefore,
the device Ruson) could be represented by Eq. (7).

Ry = (& V) )/ Ay (7)
In this way, the total device conduction loss P,z and the
device die area usage Aq. can be correlated by using Eq. (8).

P(:und = (IRM57S )2 . Rd,s‘(on) = (IRM97S )2 . M (8)

Adie
where, Izys s is the switch RMS current. When N devices
are used, the total conduction loss function versus total
semiconductor die area usage could be described in Eq. (9).
& 2 a4 (& V)
F:-(md(AdteJ) = Z(([RMSS([)) '—B()j (9)

i=1 KiAdieJ
where, x; is the die cutting factor ranging from 0 to 1,
reflecting different die cutting strategies. The sum of each «;
equals to 1. For the one-cell STC with four identical switches,
K = K2 = k3 = kg = 0.25. Ay, 1s total die area of the converter
devices. It can be used to compare the total conduction loss
versus total die area usage. Since the blocking voltage
information is included in this function, it can be also applied
to evaluate the topologies with different device voltage stresses.
This conduction loss function is normalized in Eq. (10).
N
P i (A )= %Z[([RMSS“) 2 MJ (10)

o =1 x4y,

Similarly, the normalized gate drive power loss, switching
loss can be derived. When the die area is enlarged, the input
capacitance increases [52]. Larger gate current is needed to
charge the input capacitor. So, the total gate charge induced

switching loss increases. The gate drive loss is in Eq. (11) [53].

Poe =0, AV - fo 5 B=0, /A, (11)

where, Q, is the total gate charge. 4V, is the difference of

the recommended maximum and minimum Vy, ratings. f; is

switching frequency. f is the device total gate charge per unit
die area. The total normalized gate drive loss is in Eq. (12).

" 1 &
P e (Adieir) = le(ﬂ, K Ay AV o s(i)) (12)

Generalized turn-on and turn-off switching losses are
derived in a similar manner in Eq. (13), (14), respectively.

B, =E, [, 6=E,/[ A, (13)

Py=E, f ;0=E,;/[A; (14)

where, P,,, P,y are turn-on and turn-off power losses. E,n

Eypare turn-on and turn-off energy. d and ¢ are turn-on and turn-

off energy per unit die area. The normalized turn-on and turn-
off switching losses are in Eq. (15) and (16), respectively.

« 1

P on(AdieJ) = FZ(é‘z K- Adieit .Af.;(i)) (15)
* 1 &

Pn//(Ad[eJ):FZ(Gi - K; 'AdieJ 'f.v(i)) (16)

In the ZCS case, the output capacitance C,g discharge
induced turn-on switching loss is considered. The gate-drain
capacitance Cgq and drain-source capacitance Cy increase with
the die area [54][55]. Thus, Coss (i.€. Coa + Cys) loss is positively
dependent on die area. This turn-on switching loss is in Eq. (17)
[56]. The corresponding normalized equation is in Eq. (18).

F C. C, - Vdsz Sy s r=C / Ay (17)

e

N

P Co (Adieit) = %Z(?’i Y Adieir . Vds(i)z S ) (18)

where, Vg is drain-source voltage. y; is the device output
capacitance per unit die area, which is dependent on the device
semiconductor manufacturing technologies.

The semiconductor device is the major cost contributor of
a power converter. Since the semiconductor cost is proportional
to total semiconductor die area usage, it is useful to identify the
topology that can achieve the minimal power loss with the
minimal semiconductor die usage. On the one hand, with the
increase of the total device die area, the total device conduction
loss reduces. On the other hand, the increased die area leads to
larger parasitic capacitance, which causes higher switching loss
and gate drive loss. So, the optimized total device die area exists
to minimize total converter semiconductor power loss.

Therefore, in this paper, we propose total semiconductor
loss index (TSLI), which is the normalized total semiconductor
power loss as a function of total semiconductor die area. It can
be used as a tool to evaluate the total device power loss in terms
of total die area usage among different topologies and devices.

TSLI can be derived by summarizing the previous
presented normalized power losses in Eq. (19).

TSL](AdieJ) = I)c:m[ (Adif;r) + P(:are (Adieit) + 1)5:/ (Adirir) (19)

When hard-switching is applied, P, " is the sum of P,," and
Py’ When ZCS is utilized, Py," is equal to P, . For a specific
topology, when the output power and switching frequency are
fixed, theoretically an optimal die area for each switch can be
derived to achieve the minimized total device power loss. In
other words, when the total device power loss is the same, the
one with smaller total die area can achieve lower device
manufacturing costs. These two evaluation perspectives based
on the above TSLI parameter provide comprehensive
understandings to compare different topologies and devices.

Iv. TorPOLOGY COMPARISON

Through investigating SiC MOSFETs with three different
voltage ratings from two device companies, the proposed TSLI
of the boost converter and the one-cell STC is compared.

For boost converter, 1200 V SiC devices are applied, since
the device voltage stress is 600 V. Two SiC dies with 1200 V
voltage ratings, i.e. Rohm S4103 [57] and Cree CPM2-1200-
0025B [58] are selected. The device turn-on and turn-off losses
are considered at continuous conduction mode assuming the
inductor current ripple is 30% of its average current [59].
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For the boost converter with two identical switches, the die
cutting factors x; = x> = 0.5. From Eq. (10), normalized
conduction loss of the boost converter is presented in Eq. (20).

5 2 2 R(.v on) Az ie
P cond(B)(AdieJ) = F(IRM57S(B)) —lem e (20)
o die _t

0.5-4
where, the subscript B represents boost converter. Zrus s
is device RMS current, which is 236.58 A in this application.
From Eq. (12), the normalized gate drive loss function of
the boost converter can be described in Eq. (21).

P*GM(B)(AW D= 2 [%.0‘5.14“‘) AV, ﬁj (21)
N £, die B

For Rohm’s S4103 and Cree’s CPM2-1200-0025B, AV, is
18 V and 25 V, respectively. f; is 100 kHz.

From Eq. (15), (16), the normalized turn-on, turn-off loss

functions for boost converter are in Eq. (22), (23), respectively.
* 2(E
P Ay ) ZF(i.O'S.A ﬂj (22)

die _t
o die

. 2 ( E, .
P i (Aue ) == [—”-0.5-Adm /j (23)

o die

The switching energy versus drain current curves of the two
selected SiC bare dies can be found in the datasheets of Rohm
1200V SCT3022KL and Cree 1200V C2M0025120D SiC
MOSFETsS due to the matched on-resistance and current rating
between the bare die and the corresponding device.

TSLI of the boost converter is the sum of the above four
individual semiconductor loss indexes, as shown in Eq. (24).

TSLL,(Aye ) =P iy + P iy * Ponimy + Pogy (24

One-cell STC is designed to operate at ZCS mode in this
paper. Co discharge induced turn-on loss is included in the
switching loss. In 300 V — 600 V application, 650 V, 900 V and
1200 V devices can be used. For the four identical switches, the
die cutting factors x; = x> = k3 = k4, = 0.25. Similarly, based on
Eq. (10), (12) and (18), the normalized conduction loss
function, gate drive loss function and Co loss function of the
one-cell STC are in Eq. (25), (26) and (27), respectively.

- > R -A,
P cond (STC) (Adieit) = %(IRM57>S‘(STC)) ) ﬁ (25)
where, Irus ssro) 1s the device RMS value of the one-cell
STC, which is 261.8 A at full load.

. 4 ( 0O,
P Gate(STC) (Adieir) = ?[A_g -0.25- AdieJ : AVgs f,] (26)
o die

For Rohm’s 650 V S4003 and Cree’s 900 V CPM3-0900-
0010A, AVg is 18 V and 19 V, respectively.

Pl (A )= i[%n.zs Ay VL fj 27)

F N\ Age e

where, Co is 148 pF and 350 pF for Rohm’s S4003 and
Cree’s CPM3-0900-0010A, respectively. Vy is the device
voltage stress, which is 300 V in this application.

TSLI for the proposed one-cell STC is in Eq. (28).

TSLISTC (Adieit) = P*cond(ST(') +P*(iate(STC) + P*(Tos\(ST(') (28)

The TSLIs of the boost converter and one-cell STC for the
selected SiC bare dies with different voltage rating are plotted
in Fig. 5 for a comprehensive comparison. Although various
devices could reach the same level of power loss with different

total semiconductor die areas, one-cell STC with 900 V Cree
SiC bare die utilizes the minimal die area, which indicates lower
die manufacturing costs. Compared with boost converter, one-
cell STC can achieve lower total semiconductor loss with the
same die area usage. In other words, at the same total device
loss, one-cell STC consumes smaller total die area.

V. DESIGN OF DEVICES AND PASSIVE COMPONENTS

The detailed component design is presented in this section.
Part A talks about the design of SiC MOSFET power modules.
Part B presents the heatsink design process. Part C discusses
details regarding the resonant capacitor design. Detailed
resonant capacitor design criteria is provided in Part C. The
high current, high frequency resonant inductor design is also a
major challenge to achieve the minimal size and power loss.
The optimal considerations of the resonant inductor winding
and core designs are analyzed in Part D. The DC capacitor
design is discussed in detail in Part E.

A. Design of Devices

The challenges for the device design in the high-power
applications are mainly caused by the high conduction power
loss and potentially high die temperature rise. To respond to
these challenges, both the optimized device power loss and
temperature rise are to be achieved in a wide load range.

Based on the TSLI evaluation in Fig. 5, 900 V Cree and 650
V Rohm SiC MOSFET achieve lower semiconductor power
loss. However, the SiC MOSFET products based on 900 V Cree
die and 650 V Rohm die have limited current capability. As a
result, multiple paralleled devices are needed, which increases
the total device volume, induces current imbalance and leads to
parasitic oscillation [60]. So, Rohm and Cree 1200 V SiC
MOSFET power modules with higher current capabilities are
evaluated. Fig. 6 shows the total MOSFET power loss of five
1200 V SiC MOSFET power modules at different output power
ratings. The switching frequency is 100 kHz, and the maximum
output power is 100 kW. Input, output voltages are 300 V and
600 V, respectively. The Rohm 1200 V 600 A SiC module can
achieve the lowest total MOSFET power loss at full load.
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Fig. 5: Total semiconductor loss index comparison

To optimize the thermal performance of the devices, a
temperature rise comparison of different SiC power modules is
further conducted. The temperature rise calculation is based on
the thermal resistance circuit in Fig. 7. The temperature rise vs.
output power curves for these five SiC MOSFET modules are
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2500 . BSM300D12P2E001 Rohm 1200V 300A
= CAS300M12BM2 Cree 1200V 300A
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BSM400D12P3G002 Rohm 1200V 358A
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Fig. 6: Total MOSFET power loss comparison among different MOSFETs
presented in Fig. 8. With competitive thermal resistance, the
Rohm 1200 V 600 A SiC module realizes lowest temperature
rise in a wide output power range. Thus, the thermal
performance is relatively optimized.
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Fig. 7: Thermal resistance circuit
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Fig. 8: Thermal performance comparison among five 1200 V SiC modules

Although higher frequency helps decrease the magnetic
component size, speed up the transient load response, it
introduces more AC loss to the high frequency resonant
capacitor and AC busbar, increases the core loss of the resonant
inductor. Considering this trade-off, the switching frequency is
designed at 100 kHz for this project.

B.  Design of Heatsink

Heatsink design is based on the thermal resistance circuit in
Fig. 7. The heatsink thermal resistance can be derived in Eq.

(29) according to the thermal dissipation and device power loss.
T —-T
e p R (29)

Rth(/lfa) = th(j—c)  Lnce—n)

loss
where, Rug-a)y Ring-o and Rue.py are thermal resistance
between heatsink and ambient, junction and case, case and

heatsink, respectively. R ) and Ry - are equal to 0.061 °C/W
and 0.015 °C/W, respectively [61]. 7; and T, are junction and
ambient temperature. Pp, is the total power loss of the devices.
The maximum junction temperature for the selected SiC
module is 175 °C [61]. The total device power loss at 100 kW
is 1004.37 W based on previous calculation. To reflect the real
cooling system in hybrid electric vehicles, the ambient
temperature 7, is designed as the water tank outlet temperature
85 °C [62]. Therefore, designed heatsink-ambient thermal
resistance should satisfy: Rymq) < 0.0136 °C/W. An off-the-
shelf water cooling heatsink from wakefiled-vette® is selected.
With 5.3 L/minute water flowing speed, the thermal resistance
is around 0.013 °C/W. With this heatsink, maximum junction
temperature is 174.39 °C at 85 °C water cooling temperature.

C. Design of Resonant Capacitor

The major challenges in this high-power resonant capacitor
design are high frequency and high RMS current. High
frequency helps shrink the passive component size, but brings
in non-negligible voltage rating drops in the polypropylene film
capacitors. High RMS current levels up the current capability
threshold, which narrows the available candidate range.
Another challenge is regarding the compact size while
satisfying the current capability. When we try to solve these
challenges, the resonant capacitor design is comprehensively
conducted based on operating frequency range, resonant
capacitance, required resonant inductance, volume, maximum
allowed RMS voltage and current capability, as shown below.

To achieve the high-frequency and high RMS current
resonant operation, both ceramic and film capacitors could be
used. The Class II multi-layer ceramic capacitors (MLCC) have
higher power density compared to the film capacitors assuming
the same capacitance and current rating. However, considering
that the ceramics are weak in tension, a crack can be relatively
casily generated when excessive board flex is put on the
soldered MLCC [63]. As a result, an electrical conduction
between the two electrodes would happen, which could
progress to a short circuit. Therefore, MLCCs are not preferred
for the automotive, aerospace and marine power electronic
applications due to these reliability concerns. Thus, the
polypropylene film capacitors with the excellent current
capability are considered for the desired resonant tank design.

Based on a summarization of high power resonant
capacitors from different companies [64], the polypropylene
film capacitors from Illinois Capacitor® provides specifically
designed high-current, high-frequency resonant capacitors.
Thus, all the conduction cooled high-density resonant
capacitors from this company are studied, including LC1 ~
LC6, HC1 ~ HC6 and HC3A, HC3B series. In each category,
one type with highest capacitance density, satisfying frequency
range, full-load peak voltage and current requirements is
selected. Fig. 9 shows the comparison of the capacitance
density per unit volume. From the results in Fig. 9, LC2 and
LC3 series can achieve much higher capacitance density.

Not only should the volume of the resonant capacitors be
considered, but also does the whole resonant tank size need to
be analyzed. Thus, the smaller inductance is preferred in our
design. Fig. 10(a) shows the relationship between the required
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Fig. 9: Capacitance density per unit volume comparison

inductance and total resonant capacitance. Considering the
practical size as well as the design of core and winding, the
maximum inductance has been designed as 500 nH.
Correspondingly, the minimum resonant capacitance is 5.066
pF. Besides, considering the power module and heatsink layout,
the total capacitor volume is designed below 0.3 L. Fig. 10(b)
shows the trade-off between the total capacitance and the
volume. The remaining candidates in the shaded area are further
compared in Table I, from which three 2.4 uF LC2 and three
2.6 uF LC3 are preferable due to smaller required inductance.
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Fig. 10: Capacitor evaluation based on required inductance and total volume
TABLE I: COMPARISON AMONG PROSPECTIVE CAPACITORS

. To_t al Total RMS v]cjl]:/e[lZe illjgl?;ggi

Series | capacitance | volume | voltage capability at at 100kHz
(HF) (L) V)| Jo0kHz (V) (nH)
HC2 5.32 0.24 319.79 500 476.13
HC4 5.2 0.22 320.69 500 487.12
HC6 5.2 0.22 320.69 600 487.12
LC3 7.2 0.27 310.96 410 351.81
LC2 5.2 0.17 320.69 350 487.12
LC2 7.8 0.26 309.36 350 324.75

However, the polypropylene film capacitor voltage rating
drops at higher switching frequency, because of the heat
generated by the AC loss at high frequency [65]. Thus, a safe
margin needs to be maintained between the full-load peak
voltage and the maximum voltage capability after derating at
100 kHz resonant frequency. In Fig. 11, the voltage derating
with the resonant frequency of selected film capacitors are
shown. The margin between the full-load voltage peak and the
maximum voltage capability for the LC2 series is about 41 V,
while for LC3 series it is around 100 V, which makes LC3
series more suitable for our application.

Finally, to evaluate the thermal performance of the selected
resonant capacitors, the thermal impedance and temperature
rise are calculated in Eq. (30), (31), respectively.

2
RTH(Cr) = ATCr(max)/|:(IC/'(RMSimax)) 'ESR:I (30)

ATe, = Ryyycp - (1Lr(RMS) /3)2 -ESR (31)
Based on Eq. (30), the thermal resistance is calculated as
(40 °C) / [(650 A)? x 0.2 mQ] = 0.47 °C/W. From calculation
results, 7.8 uF LC2 and 7.2 uF LC3 experience the temperature
rise of 3.01 °C and 1.44 °C, respectively at full load and 100
kHz resonant frequency. By taking the above comparison and
temperature verification into comprehensive consideration,
three 2.4 pF LC3 capacitors have been finalized.
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Fig. 11: Voltage derating curves for HC and LC series capacitors
D. Design of Resonant Inductor

The challenges of the resonant inductor selection in this
application are primarily due to high RMS current, high
frequency core and winding design. High RMS, high frequency
current is responsible for the remarkable AC winding loss due
to the skin effect. A multi-layer AC busbar is designed to
alleviate this issue. High power and high frequency also lead to
significant core loss and corresponding temperature rise.
Therefore, a careful core material evaluation and the trade-off
between the core thermal performance and core volume are
conducted to conquer this problem.

With the above 7.2 puF resonant capacitance design, to
achieve a 100 kHz resonant frequency, the resonant inductance
value is required to be 351.81 nH. The winding design and core
design will be conducted in this section.

1) Winding Design

Fig. 12(a) shows two resonant side layout possibilities. The
left-hand side presents a layout with only one-turn winding. The
inductor is split into two with similar inductance. The right-
hand side layout can achieve more flexible number of turns, but
it brings challenge for the winding geometry design. The
connecting copper joint between adjacent copper layers
introduces more manufacturing difficulties. The copper bar
linking with the power module overpasses resonant capacitors,

10 copper
foil layers

i /isolated by
Kapton tape

(2) (b)

Fig. 12: (a) One-turn and multiple-turn winding design layouts. (b) above: AC
busbar 3D model; below: AC busbar assembly
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which increases AC copper loss and prolong the prototype
height. Thus, one-turn winding design is adopted. The AC
inductor could be designed in the similar height with the AC
capacitors, power module, heatsink, and the DC side. Thus, the
space can be fully utilized in a compact way.

Multi-layer copper foil AC busbar is designed for this high-
current high-frequency winding. By distributing the current
through multiple layers, this arrangement reduces AC loss
caused by the AC current skin effect. The Kapton tape with the
wide-range temperature capability is applied to insulate each
layer. The skin depth ¢ is calculated based on Eq. (32) [66][67].

5 =p[(rr ) (32)

where, f'is the AC frequency. The copper resistivity p and
permeability u are 1.76 x 10® Qm, 1.257 x 10° H/m,
respectively. At 100 kHz, the skin depth for copper is calculated
as 0.211 mm. So, the copper foil with a thickness no larger than
0.211 mm has been selected. To further design the copper cross-
section area and number of layers, the current density should be
considered. For the one-turn winding design, current density is
recommended as 300 mil*/A or 5.167 A/mm? to avoid excessive
copper loss and temperature rise [68]. Considering that AC
RMS current value is 370.24 A and the cross-section area of
selected one-layer copper foil is 7.112 mm?, the total number of
layers is (370.24 / 5.167) / (7.112) = 10. Thus, 10-layer copper
foil has been applied in this AC busbar. The total cross-section
area of AC busbar A4c pusher is 71.12 mm?. Its 3D model and
assembly are shown in Fig. 12(b). More inductor winding
optimization strategies will be addressed in future publications.

2) Core Design

The core loss induced heat is a significant design constraint
in the AC inductor design [69]. Thus, the core loss and
temperature rise are compared in the core selection. The trade-
off between the core temperature rise and volume is analyzed.

The powder cores and ferrite cores from major magnetic
manufacturers are compared. The core loss density equation of
Chang Sung Corporation (CSC) cores and Hitachi soft ferrite
cores is in Eq. (33) [70][71].

Bo=(K, [+K [ (By) (33)

where, Py is the core loss density with the unit of kW/m?.

is the frequency (kHz). K is the hysteresis loss efficient. K, is
the eddy current loss efficient. Y is an exponent close to 2.

Core loss density of Hitachi HLMS50 amorphous powder
core, Magnetics powder, ferrite cores is in Eq. (34) [72]-[74].

B o=a-(By) () (34)

By applying the above two equations, the core loss density
comparison is plotted in Fig. 13 at 100 kHz frequency. Hitachi
soft ferrite core ML29D is finalized due to its smaller core loss
density in the 0.1 ~ 1 T flux density range.

E-shaped cores are selected in this project because it can
achieve simpler assembly and more cost-effective solutions
compared with pot cores [75]. Fig. 14 shows a typical E-core
dimension and the magnetic paths. In this design, a. is fixed as
152.4 mm due to the length constraints of the heatsink and SiC
module. S, is restricted by the height of the prototype, which is
selected as 15 mm. According to the reference design of planar
E cores [66][76], the core height £ is the sum of ; and a;.
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Fig. 13: Core loss density comparison at 100 kHz frequency
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Fig. 14: (a) E core dimensions. (b) Equivalent magnetic paths

To achieve desired inductance, core cross-section area A4,
and air gap length /, need to be designed based on Eq. (35) [77].
L=(N?-a,) /[ (4, ) 10)+ (L) 12.) ] (35)
where, N is number of turns. 4. is effective core cross-
section area. uy, . are permeability of the free space and core,
respectively. /, is air gap length. /, is equivalent magnetic path
length as shown in Eq. (36) [78].
L, =2(ay/2-2a,+2p,+1,)+7-a, (36)
A proper core shape needs to satisfy the window utilization
requirement due to the winding insulation. The window
utilization factor K, should be less than 0.65 for low voltage foil
inductor design [79], as shown in Eq. (37).
K, = AACﬁBu: /Awfndow = 71.12mm2/A <65% (37)

Based on the core geometry in Fig. 14(a), the window area
Avindow equals to 2, (a2/2-20;). Thus, a constraint for a; is
derived: a; < 13.87 mm. In this project, 13 mm has been
applied. The magnetics path length can be further calculated
once a; is fixed. The calculated /. is 149.24 mm from Eq. (36)
while the air gap length is relatively small to be ignored here.

To further determine the core width y and corresponding
core cross-section area 4., a trade-off between core temperature
rise and core volume should be made. According to Faraday’s
law, the flux density swing 4B is derived as shown in Eq. (38).

AB = ‘[ [ rai, (0] f(v-a,) (38)

From Eq. (2), the peak resonant current /px is 7 times the
average output current. Thus, 4B is further derived in Eq. (39).
AB=(L-21,-7)/(N-4,) (39)
For the AC flux swing in our case, peak flux density Bpx is
half the flux density swing 4B [73], as shown in Eq. (40).
BPK:AB/zz(L'Pu'ﬂ)/(N'Ae'zVi") (40)
The core loss density Py is further derived in Eq. (41) by

window
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combining Eq. (33) and Eq. (40).
Po=(K, f+K, - f)[(L-P-7)/2N-4.-¥,)] (4]

where, K, is 0.1035. K, is 7.178x107. 1 is 2. Xis 2.323 [71].
Nis 1. fand L are 100 kHz and 351.18 nH, respectively as
designed in the previous sections. P, is 100 kW. V;, is 300 V.

Core loss density is further shown in Eq. (42) considering
A, =2a;. The core volume V is in Eq. (43). Correspondingly,
the core power loss can be calculated by P, = Py V. The core
temperature rise is estimated by Eq. (44) [69].

Bo=(K, - f+K, - f*)[(L-P-7)/(4N e -y -V,)] (42)
V:4-al-(ﬂ2—al)-y+al-a2-y (43)
AT, =(Poe) A ) (44)

where, 4T, is the core temperature rise with the unit °C.
Peore is of the unit mW. Aguyuce has the unit of cm?.

Based on above analysis, the core temperature rise versus
core width is plotted in Fig. 15. To reflect the optimized design
region for the core width, the core volume is also plotted. Two
constraints have been considered in the core width design. One
is the core temperature rise, which is limited below 100 °C in
order to guarantee a safe operation region without external
cooling for the core. Another is the core volume, which is
designed to be smaller than 0.1 Liter, considering the
dimensions of the resonant capacitors, heatsink and SiC power
modules. Hence, a design range can be obtained based on this
quantitative trade-off. Correspondingly, the core width y range
from 32.5 to 48 mm is derived for this application. Thus, the
core cross-section area A4, has the range of 845 ~ 1248 mm?.
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Fig. 15: Core temperature rise and core volume trade-off

Based on the derived range of the core cross-section area,
Fig. 16(a) shows the range of the peak flux density, i.e. 0.1476
~0.218 T according to Eq. (40). Considering 0.54 T saturation
magnetic flux density By, for the ML29D core with 1000 A/m
magnetic field strength at 23 °C [80], the designed flux density
range is below half the saturated flux density. Thus, the full
utilization and the flux saturation of the core are avoided.

When the inductance and the number of the winding are
fixed, based on the inductance calculation in Eq. (35), the
relationship between 4. and /, is described in Eq. (45).

A =L(1, /gy +1./s.) (45)

Since the range of the core cross-section area is known,
based on Eq. (45), the relationship between 4. and /, is plotted
in Fig. 16(b). A design range for the air gap length /, can be
derived. From the figure, /, ranges from 2.967 mm to 4.407 mm.

With the above core temperature rise and volume trade-off
considered, in the finalized design, a core width of 40 mm is
selected in the preferable region. Based on this designed core
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Fig. 16: The relationship between (a) flux density and core cross-section area.
(b) core cross-section area and air gap length
width, the corresponding core cross-section area is calculated
as 1040 mm?. The peak flux density and the air gap length are
finalized as 0.1771 T and 3.664 mm, respectively. With this
designed core shape, according to the curve in Fig. 15, the core
temperature rise is about 70 °C at 100 kW. According to the
core loss density Py and core temperature rise 47.,.. equations,
there exists a relationship between the core temperature rise and
output current AT ;o o< (1,)?3230833) Hence, at 50 kW, the core
temperature rise is 0.2615 times the counterpart at the full load,
which is about 18.3 °C. So, this inductor shape design results in
a desired thermal region at both the 50 kW and 100 kW.

E.  Design of DC Capacitors

Challenges of DC capacitor design in this application are
mainly from the high RMS current. Higher current capability
per volume normally accompanies smaller capacitance, which
may not meet the minimum voltage ripple needs. Another
challenge is to achieve a compact size while satisfying the other
requirements. To solve these challenges, three parameters are
selected as the design criteria, i.e. the total capacitance, RMS
current capability, and capacitor volume. The larger total
capacitance, higher RMS current density per unit volume, and
smaller total volume are preferred in the evaluation.

Fig. 17 shows seven major film capacitor manufacturer
investigation, considering the RMS current capability
requirement indicated in the simulated C; and Cj; current
waveforms in Fig. 19(b). In each provider, the series with
highest RMS current density per unit volume have been
identified. Fig. 17(a) shows three prospective candidates, i.c.
FFB and FFV3 Series from AVX®, FH series from Murata®,
and B32674D Series from TDK®, have higher RMS current
density. Fig. 17(b) presents that TDK series capacitors achieve
smaller capacitance compared with others. Although the total
capacitance is smaller compared with the other candidates, it
can still satisfy the minimum DC capacitance requirement to
realize desirable small voltage ripple. Based on the PLECS
simulation, 75 uF DC capacitance is enough to achieve a 5%
voltage ripple. Therefore, the B32674D3126 from TDK has
been selected for its highest RMS current per unit volume and
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2 0%eavx ., g 00 AVX .
Z 400 *CDE . . §420,cpE .
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Fig. 17: Investigation of DC capacitors from major manufacturers



IEEE TRANSACTIONS ON POWER ELECTRONICS

the smallest volume with sufficient capacitance.

In order to decide a proper number of DC capacitors, the
trade-off between the temperature rise and DC capacitor
volume is conducted in Fig. 18. This design selects 9 input and
9 output capacitors considering these two factors as well as the
practical mechanical layout, which needs to match the
dimensions of the power modules and heatsink. The full-load
temperature rise is about 39 °C. Due to the half capacitor RMS
current at the half load, the 50 kW temperature rise can be
derived as one quarter of the full-load temperature rise, which
is around 9.75 °C. The full-load temperature is designed to be
64 °C at 25 °C ambient temperature. This is lower than the rated
temperature, which is 85 °C [81].

DC capacitor temperature rise
m DC capacitor total volume
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Fig. 18: Trade-off between temperature rise and total volume
VL SIMULATION AND EXPERIMENT RESULTS

100 kW 300 V - 600 V one-cell STC at ZCS mode has been
simulated in PLECS. Fig. 19(a) shows resonant current and S,
S>, 83, Sy switch current. Fig. 19(b) presents resonant capacitor
voltage, DC capacitor voltage and current. The simulation
results are consistent with the analysis in Section II.
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Fig. 19: Simulation results at 300 V — 600 V 100 kW

Fig. 20 shows the developed100 kW prototype. The control
is realized through the TI® TMS320F28335 microcontroller and
Xilinx® FPGA Spartan-6 XC6SLX9 IC. Fig. 20 also presents
the three dimensions of the converter. The length, width and
height are 37.8 cm, 15.1 cm and 4.2 cm, respectively. So, the
converter main power processing part volume and the power
density are about 2.4 L, and 41.7 kW/L, respectively.

In the test, the switching frequency is fine-tuned as 84.9
kHz, which includes the deadtime. Deadtime is set as 300 ns.
The actual resonant frequency of the design is higher than the
switching frequency. Fig. 21 shows the testing results at 50 kW
with 300.24 V Vi, 598.98 V V, and 100 kW with 299.95 V V;,
584.23 V V,. As shown Fig. 21(a), the switch drain current
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Fig. 20: The designed and assembled 100 kW one-cell STC

decreases to zero before it is turned off so that the ZCS is
achieved. The top two waveforms are Vg of switches S, S>
corresponding to Fig. 2(a). The middle one is tested resonant
current with the RMS value around 383.2 A. Based on Eq. (2),
the corresponding theoretical RMS current value is 370.24 A,
which is smaller than the tested value. This is because the
current peak rises when the deadtime is included. The bottom
trace is Vg of S. Tested waveforms at 50 kW are in Fig. 21(b).
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Fig. 21: 300 V — 600 V test results at (a) 50 kW and (b) 100 kW
The tested thermal performance at 50 kW continuous
operation is shown in Fig. 22 captured from the thermal camera.
The steady-state DC and AC busbar maximum temperature is
around 64.4 °C and 81.2 °C, respectively.

Fig. 22: Tested thermal performance at 50 kW continuous operation

Table II shows the detailed tested thermal performance at
50 kW continuous operation, based on thermal couple
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measurement. The resonant inductor core temperature rise is
17.5 °C, which matches the theoretical half-load thermal
analysis in Part D of the Section V. The two DC capacitors Cj,
and C; show temperature of 37 °C and 24 °C, respectively.
Thus, the maximum temperature rise for the DC capacitor is
about 12 °C, which matches the 9.75 °C theoretical temperature
rise at half load in Part E of the Section V. From the thermal
results, high DC and AC busbar power losses are indicated.
TABLE II: STEADY-STATE TEMPERATURE AT 50 KW OPERATION

Component Tem?oeé? ture Component Temz)oecr;nture
AC busbar 56.5 Heatsink 25
V:, DC busbar 59 Inductor core 42.5
V, DC busbar 46 DC capacitors C;, 37
GND DC busbar 54 DC capacitors C, 24

The baseplate temperature measured based on the negative
temperature coefficient thermistor inside the SiC power module
is acquired through the analog-to-digital sampling circuit and
DSP code. It can be further utilized to derive the junction
temperature 7; based on the junction-baseplate thermal
impedance 61 °C/kW [61]. Considering the self-heating effect
caused by the increased junction temperature, the iterations
have been conducted based on the Ruson vs. T; relationship until
the 7; arrives to stable. 7} is calculated based on Eq. (46).

T,' = TL + th(fﬂ-) ° ((IRM.SLS )2 'Rd.\‘((m) (T/'(l) ) + PGatr. + Pc(m ) (46)

where, T} is the junction temperature in the previous state.
The estimated 7; is used to evaluate the thermal performance of
the SiC module. Fig. 23 shows the tested baseplate temperature
and calculated 7;. Based on the curve fitted polynomial linear
model in MATLAB curve fitting tool, the relationship between
junction temperature and output power is presented in Eq. (47).
T/,=p1'(P(,)3+p2'(P0)2+p3'(R,)+p4 (47)
where, pi, p2, p3, ps are -4.174x107, 7.416x1073, -0.05791,
and 34.44, respectively. Based on Eq. (47), the full-load
junction temperature could be estimated as 61.07 °C. Compared
with the theoretical junction temperature evaluation for the
selected SiC module in Fig. 8, if the ambient temperature is
assumed as 25 °C, the tested 7; at 50 kW continuous operation
is about 5 °C higher. This could be explained from three
aspects. First, the total practical thermal impedance is larger
than estimated. Second, the deadtime induced device RMS
current increase was not considered in Fig. 8. Third, the impact
of junction temperature on Rsn) increase was not included.
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Fig. 23: The tested baseplate temperature and calculated junction temperature

Fig. 24(a) shows tested efficiency based on the measured
voltage, current and power data from Yokogawa® WT1800
power analyzer. The tested peak efficiency reaches to about
98.7% at around 30 kW. The tested full-load and half-load
efficiencies are about 97.35% and 98.47%, respectively. The
power loss breakdown is conducted with different output power
in Fig. 24(b). From the plot, the MOSFET conduction loss is a
major contribution at full load. Both the on-resistance increase
with the junction temperature and the device RMS current
increase with the deadtime have been included in the
conduction loss estimation. Besides, the V;, DC busbar loss and
AC copper loss are also significant in the total power loss. The
Vin and V, DC busbar power losses are calculated based on the
measured voltage drops between two ends on the V;, DC busbar
and ¥, DC busbar, respectively.
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Fig. 24: (a) Tested efficiency. (b) Tested power loss breakdown

Po

Fig. 25 presents the changes of DC busbar power loss and
AC copper loss with output power. Fig. 25(a) shows that at 100
kW output power, the Vi, and ¥, DC busbar power losses reach
to around 386.9 W, and 94.4 W, respectively. The AC copper
loss is estimated based on the difference between the tested total
power loss and the power loss estimated from the output and
input power difference. Fig. 25(b) illustrates the AC copper loss
versus the output power, from which the maximum AC copper
loss reaches up to about 876.2 W at 100 kW output power.
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Fig. 25: (a) DC busbar power loss vs. P,. (b) AC copper loss vs. P,

To verify the theoretical calculated TSLI based on Rohm
1200 V 95 A SiC die (part number: S4103 [57]), a comparison
has been conducted in Fig. 26 between the theoretical and tested
TSLIs with changing output power for this application.
Considering 576 A current rating (at 60 °C case temperature) of
the selected Rohm 1200 V SiC power module, six S4103 bare
dies would be needed. Besides, four SiC MOSFETS are utilized
in the prototype. Therefore, the total die area is 24 times the
S4103 die area. The difference between the theoretical and
tested TSLI could be mainly caused by the current measurement
noise, which further impacts the total conduction losses. As can
be seen from Fig. 26, the tested TSLI based on the 1200 V 576
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A SiC MOSFET module matches well with the theoretical
value calculated from the 1200 V 95 A SiC bare die.

0.04"_ Theoretical TSLI
003 ° Tested TSLI
70.02
=~
0.01
0. )
X o 40 60 80 100

P, (kW)

Fig. 26: Comparison between the theoretical and tested TSLIs
VIL CONCLUSIONS AND FUTURE WORK

This paper has demonstrated a development of a 100 kW
SiC based switched tank converter for the transportation
electrification applications. The proposed total semiconductor
loss index (TSLI) has been shown as an effective method to
evaluate different topologies and device technologies to achieve
the lowest device power loss with minimum semiconductor die
area. By applying this index, the optimal topology and device
technology for the STC could be identified. From the detailed
design procedures and passive component optimization, a
compact resonant tank with single-turn soft-ferrite-core
inductor and three low-volume high-current high-frequency
polypropylene film capacitors has been achieved. From the
experimental results, the proposed thermal design has shown
expected performance at 50 kW continuous operation and 100
kW peak operation. The assembled prototype main power
circuit power density is about 42 kW/L. The tested peak
efficiency is around 98.7% at 30 kW. The tested 100 kW
efficiency is about 97.35%. Future power density and efficiency
improvement will include more suitable lower-voltage-rating
power device selection, high frequency AC and DC busbar
optimization with reduced volume and power loss.
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