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Abstract 

In this article, the use of additive-manufactured thermoplastics, specifically polylactic acid (PLA), to fabricate segments of wind turbine 

blades with core sandwich composites was verified through their compressive bucking performance, demonstrating their cost-

effectiveness in manufacturing and transportation. A small wind blade was constructed by joining these segments to demonstrate their 

application potential in renewable energy technologies. The study’s focus was on the compressive buckling behavior of these fusion-

joined blades, particularly on the heterogeneity at the resistance welding bond line. An approach was adopted to integrate a hybrid of 

solid and cohesive elements within the cohesive zone modeling (CZM) framework using the Abaqus–Riks method. This allowed us to 

insert a thin layer of solid–cohesive elements at the bond line, enhancing the fidelity of our simulations. The validity of our numerical 

results was examined by comparing them with the surface strain field measured by digital image correlation (DIC) and assessing the 

compressive response. Furthermore, the applicability of classical Euler and Johnson formulas was evaluated in predicting buckling 

loads and modes. The Euler formula was found adequate for the first flexural buckling mode in beams with high slenderness ratios 

(≥12). Our findings demonstrate that the hybrid CZM approach effectively models the buckling behavior of fusion-joined beams, 

accommodating a range of slenderness ratios (6 to 18) and various buckling modes. This study provides insights into the structural 

analysis of fusion-joined components for potential applications of additive manufacturing in wind energy. 
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extrusion 
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1. Introduction 

Large-scale wind turbines are pivotal in the utility-scale renew-

able energy sector due to their high power output, efficiency, and 

minimal emission of greenhouse gases and other environmental 

pollutants [1–3]. Conversely, small-scale wind turbines have 

garnered a significant interest for individual use in rural areas [4]. 

Now capable of producing kilowatt-level power, these turbines 

offer promising alternatives for localized energy generation. 

Notable examples include the model MG4520 wind turbine, 

which, with its 2.1-m rotor diameter, was found by Freere et al. 

to produce a power output of 0.3 kW [5]. Similarly, Hirahara et 

al. tested the model NACA 2404 wind turbine (r = 0.5 m) and 

found it achieves a maximum power output of 0.2 kW under a 20 

m/s wind speed [6]. Additionally, Matsumiya et al. designed and 

tested the model SD7307 wind turbine (r = 1.8 m), demonstrating 

a 1 kW power output under a 50 m/s wind speed, even without a 

pitch control system [7]. 

According to a report from the US Department of Energy [8], a 

1.5 kW wind turbine operating at an average annual wind speed 

of 6.26 m/s could sufficiently meet the power requirements of 

a typical home (300 kWh/month). Hence, small-scale wind  

turbines offer a viable solution for electricity supply in areas 

beyond the power grid. 

In addition to their role in power generation, small-scale wind 

turbines are often utilized as scaled-down models for testing large-

scale wind turbines [9]. This makes it crucial to accurately assess 

the performance of a downscaled small-scale wind turbine to 

evaluate the power output and structural integrity of its larger 

counterpart, which can take several months or even years to install, 

owing to the complexities of transportation and installation [10]. 

Presently, routine maintenance for wind turbine blades includes 

surface coating, sealing, resin injection, and various repair meth-

ods such as plug, patch, and scarf repairs [11]. Wind turbine blade 

repair is notably costly. Stephenson reported that maintenance 

expenses can amount to 20–25% of the levelized cost of energy 

(LCOE) over a turbine’s lifespan [12]. A significant factor contrib-

uting to these high costs is the lengthy repair time required for 

adhesive bonding, which can exceed 24 h. 

Resistance welding with metal meshes offers a much quicker 

repair time, in a matter of just a few minutes (3–5 min), aligning 
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well with UV light photocuring processes [13]. This rapid repair 

method could substantially reduce maintenance costs. However, 

ensuring that the structural performance of the repaired blade 

matches that of the original blade remains a subject for further 

investigation. 

3D printing emerges as an exceptionally suitable manufacturing 

method for small-scale wind turbines, offering advantages such 

as low cost, reduced carbon emissions, rapid prototyping, and the 

ability to create complex architectures, which are not as easily 

achieved with conventional manufacturing techniques [4, 14, 15]. 

The process encompasses various techniques, including fused 

deposition modeling (FDM), powder–liquid 3D printing, stereo-

lithography, selective laser sintering, and 3D plotting [14, 16]. 

Among these, FDM is particularly noteworthy for its cost-effec-

tiveness and relatively high strength-to-weight ratio [14, 15, 17]. 

This ratio can be further optimized by adjusting layer height, 

infill pattern, and infill density in the STL file. 

Furthermore, using materials with a high strength-to-weight 

ratio could significantly broaden the potential applications of 

small-scale wind turbines [18]. This aspect in 3D printing en-

hances the durability and efficiency of wind turbines and aligns 

well with the overarching goals of sustainable and innovative 

energy solutions. 

FDM is a popular method for printing small wind turbine blades 

and prototypes. While FDM offers several advantages over 

traditional manufacturing techniques, it also faces certain limita-

tions, notably in build size, which is constrained by the machine’s 

volume. Li et al. and Duty et al. have highlighted this limitation, 

noting that the build volume of a typical FDM 3D printer is 

generally less than 80 × 80 × 80 cm3 [19, 20]. 

However, advancements in this field have been significant. For 

instance, Duty et al. reported that Ingersoll Machine Tools and 

Oak Ridge National Laboratory developed one of the world’s 

largest 3D printers, capable of a build volume of 6 × 2.4 × 1.8 m3 

and operating at a printing speed of 80 lb/h [20]. Despite this 

technological advancement, such large-scale 3D printers are not 

widely available, leaving most users with access only to smaller, 

commercial FDM printers. 

Commercial 3D printers often face size limitations, making it 

challenging to print small-scale blades (0.5–2 m) in one piece. To 

overcome this barrier, these blades can be printed in segments 

and subsequently joined together. The traditional method of 

mechanical fastening is not ideal for 3D-printed structures due 

to several drawbacks: it adds extra weight, creates stress concen-

trations at metallic joints, risks structural delamination from 

drilling holes, and requires intensive labor [21–23]. An alterna-

tive method is the fusion joining process, which involves hot-

melting segmented regions of the thermoplastic structure. This 

technique is advantageous because it is cost-effective, eliminates 

the need for surface preparation, and ensures good bonding 

quality [24]. Common filament materials used in 3D printing, 

such as acrylonitrile butadiene styrene and PLA, are thermo-

plastics, making them suitable for high-temperature joining. 

The fusion joining process for thermoplastic-matrix wind turbine 

blades primarily involves techniques, such as ultrasonic, induc-

tion, and resistance welding [25, 26]. Among these, resistance 

welding is particularly noteworthy. This process uses a current to 

heat an electrically conductive element (e.g., carbon fiber or 

metal mesh) to a temperature above the glass transition point of 

thermoplastic matrix. During this process, the material is 

sandwiched between the polymer matrix, and pressure is applied 

to ensure good bonding. The heat generation in resistance weld-

ing follows Joule’s law, with the energy dissipation proportional 

to the wire resistance, current level, and welding time [27]. Ad-

vantages of resistance welding include low labor costs, reduced 

labor hours, and a simple heat generation rule that can be easily 

understood through analytical approaches [25]. 

Previous reports on resistance-welded nonbiodegradable ther-

moplastic composites—including combinations, such as thermo-

plastic composites with graphite [28], carbon [29–31], and glass 

fiber [32], alongside materials like polyethylene (PE), poly-

propylene (PP), polyetherimide (PEI), polyphenylene sulfide 

(PPS), polyetheretherketone (PEEK), and Elium® 188 [25], and 

heating elements, such as UD carbon prepreg, carbon fabric, 

stainless steel mesh, carbon nanotube (CNT)–polymer film, and 

PP polymer film—have shown that factors like the parameters of 

resistance welding and the type of heating element can signif-

icantly influence bonding quality [26, 27, 33, 34]. In this study, 

we use resistance welding with a metal mesh to fusion join the 

segments of a wind turbine blade. To our knowledge, the bonding 

quality between the metal mesh and 3D-printed parts has not 

been comprehensively explored before, and this paper aims to 

address this gap. 

In this study, the role of bond line quality on compressive 

buckling behavior was explored, employing both experimental 

and simulation approaches. Experiments involving compressive 

buckling were conducted on a fusion-joined wind turbine blade. 

Concurrently, analytical work was carried out using finite 

element methods and classical buckling theories. In previous 

studies, using solid or cohesive elements in the bonding line of 

models led to inaccuracies in simulating the lateral displacement 

of fusion-joined beams [35, 36]. Cohesive elements, being much 

softer than solid elements, require careful adjustment in their 

ratio to solid elements. This adjustment helps maintain a minor 

variation in strength and aligns lateral displacement between the 

model and the actual experiments. 

CZM has gained popularity for analyzing the mechanical prop-

erties of fiber-reinforced composites, addressing issues like 

delamination, crack initiation, and material softening, mainly 

focusing on the interphase debonding mechanism [37–40]. 

However, the suitability of the CZM approach for fusion-

joined thin-wall lattice structures remains unclear, especially 

concerning both linear and nonlinear compressive buckling 

performance. 

This study also explored the role of resistance welding and adhe-

sive bonding processes on the compressive buckling behavior of 

small-scale wind turbine blades, explicitly focusing on fusion-

joined 3D-printed 14-inch beam samples. A detailed characteriza-

tion of the bonding performance using compressive buckling tests 

and finite element modeling (FEM) was utilized in this study. For 

this purpose, multiple 7-inch chord blades were designed and 

fabricated using the FDM process. These blades were then fusion 

joined using resistance welding and epoxy adhesive techniques. 

The buckling mode and critical buckling load were determined 

through compressive buckling tests, complemented by analytical 

approaches based on Euler and Johnson theories. Ultimately, 

hybrid element CZMs were developed to accurately define the 

critical buckling loads and buckling modes for various types of 14-

inch beams. 
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2. Materials and methods 
This section outlines the procedures for preparing the 3D-printed 

samples and provides detailed descriptions of the experimental 

methodologies employed in this study. 

2.1. Materials 

For the 3D printing of our samples, we used PLA filaments from 

Craftbot (Carrollton, TX, USA), each with a diameter of 1.75 mm. 

PLA is chosen for its high strength-to-weight ratio and its 

ability to be printed at lower temperatures than other 3D 

printing materials [41, 42]. Each filament spool used in the 

process weighed 1 kg. To facilitate the fusion joining of the two 

7-inch segments into a 14-inch beam, Ni–Cu metal alloy meshes 

were sourced from McMaster-Carr (Elmhurst, IL, USA). The 

chosen mesh specifications included an opening size of 0.07 mm, 

an open area of 34%, and a wire diameter of 50 µm [43]. This 

opening size was specifically selected to ensure effective impreg-

nation of the resin into the mesh, while the small wire diameter 

was aimed at enhancing heating efficiency. Plexus MA310 high-

strength MMA adhesives from Perigee Direct (North Richland 

Hills, TX, USA), were also used as bonding agents. This adhesive 

is frequently used to manufacture wind turbine blades, particu-

larly for joining segments in thermoplastic polymer matrix 

structures [25]. 

2.2. Sample preparations 

The FDM process and infill patterns utilized in our study are 

illustrated in Figures 1 and 2 of our previous work [44]. For 

printing the 7-inch chords, a Craftbot 3 FDM dual-extrusion 3D 

printer from Craftbot (Carrollton, TX, USA), was employed. This 

printer features a total build volume of 250 × 200 × 200 mm³, a 

printing temperature range of 20–300°C, and a maximum 

printing speed of 200 mm/s [43]. The chord geometries were 

designed using AutoCAD (Autodesk, San Francisco, CA, USA) or 

SolidWorks software (Dassault Systemes, Waltham, MA, USA) 

and exported as STL files. These files were imported into 

CraftWare PRO software (Craftbot, Carrollton, TX, USA). 

 

Figure 1 • Schematic and actual samples of the 3D-printed 7-

inch chords. (a) Isometric view of the segmented 7-inch chord 

featuring a narrow gap. (b) Cross-sectional view showing the 

internal topology of the segmented 7-inch chord. (c) Actual 3D-

printed segmented 7-inch chord with a narrow opening. (d) Fully 

3D-printed single-piece 14-inch beam. 

Various 3D print settings were properly modified, including 

printing speed, travel speed, nozzle diameter, layer height, nozzle 

and bed temperatures, and infill density. The printing speed was 

set to 60 mm/s, with a travel speed of 120 mm/s. A 0.25 mm 

diameter stainless steel nozzle and a layer height of 0.2 mm were 

used to ensure a smooth surface finish on the samples. The nozzle 

temperature was maintained at 215°C and the bed temperature 

at 60°C. An infill density of 40% was chosen, with the infill 

pattern oriented at +45°/−45° angles. Before each 3D printing 
job, the nozzle-to-bed level was calibrated, and both the nozzle 

and bed were preheated to prevent nozzle clogging. 

 

Figure 2 • Schematic diagram of the resistance welding setup. 

Key components are labeled as follows: (1) and (7) represent the 

compression platens; (2) and (6) are the thermoplastic polymer 

blocks; (3) and (4) denote the thin metallic wires; and (5) is the 

metallic mesh used in the process. 

2.3. Design of the 7-inch chord 

The SNL-100-03 wind turbine blade was used as the prototype 

for our 7-inch chord, a design that has been extensively utilized 

and referenced in previous publications [45]. This prototype is 

known for its high strength-to-weight ratio and cost-effectiveness, 

featuring an optimized skin-core material, shear web, spar cap, 

and blade geometry, especially compared to an all-glass-based 

design [46–48]. To ensure structural stability and avoid critical 

loading regions, a segmented section of the blade geometry from 

76.4% of the total blade length, starting from the root, was 

selected [49, 50]. Additionally, a properly designed shaft was 

incorporated to enhance the bonding quality [51]. 

This blade geometry and shaft were downscaled to a 7-inch chord 

for mechanical characterization. Three variations of this 14-inch 

chord were properly designed: a single piece (with no segmen-

tation), segmented with a narrow gap (gap = 0.10 mm), and 

segmented with a rectangular flat. The gap in the narrow gap 

design, intended for adhesive bonding, represents the distance 

between the shaft and the socket. The rectangular segmentation 

design was explicitly for resistance welding, while the single-

piece 14-inch beam served as a benchmark for comparison. 

Figure 1a and 1b illustrates the wind turbine blade design, 

whereas Figure 1c and 1d depicts the 3D-printed 14-inch beams 

created by fusion joining two 7-inch chords. A detailed 

description of the shaft and socket was provided in the previous 

publication. 

2.4. Resistance welding 

Figure 2 shows a schematic of our resistance welding setup. A 

detailed description of the resistance welding process and its 

procedures is provided in the subsequent paragraphs. 

Initially, the designated resistance welding areas (13.97 × 76.20 

mm2) of the 3D-printed parts were meticulously cleaned using  

75% ethanol. This step was crucial to remove any contaminants 

and ensure better bonding quality. Subsequently, a Ni–Cu metal 

alloy mesh was positioned between the 3D-printed segments. 

Two thin copper wires, each measuring 90 mm in length to 
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maintain consistent wire resistance, were connected to the mesh 

to facilitate electrical conductivity. 

A model 5969 Instron universal testing system (Instron, Nor-

wood, MA, USA) along with compression platens was applied for 

applying uniform pressure and controlled displacement during 

the welding process. Heating was provided using a model 9202 

multirange programmable DC power supply (B&K Precision, 

Yorba Linda, CA, USA), capable of maximum outputs of 60 V, 15 

A, and 360 W, respectively [52]. 

At the onset of the process, an initial pressure of 290.08 psi was 

applied to the Ni–Cu metal alloy mesh. As the polymer in the 

bonding region began to melt, this pressure was reduced to slow 

the displacement rate. The displacement rate was set as 0.6 

mm/min, with a total travel distance of 3 mm. The power settings 

were adjusted to 1.5 V, 1.7 V, 1.9 V, 2.1 V, and 2.3 V for resistance 

welding times of 30 s, 30 s, 30 s, 90 s, and 30 s, respectively, with 

a current limit of 15 A. A ramp heating set was programmed to 

avoid the application of a high current pulse and to ensure a 

steady and uniform heat distribution across the metal mesh. 

2.5. Uniaxial compressive buckling tests 

Our study focused on the critical buckling load, critical lateral 

displacement, and energy absorption characteristics of four 

different types of 14-inch beams. For each beam type, three tests 

were conducted. The effective length of the samples was 101.6 

mm, corresponding to a slenderness ratio of 6. All samples were 

subjected to fixed boundary conditions at both ends. The tests 

were performed at a crosshead speed of 1.5 mm/min, following 

ASTM D6641 standards [53]. 

During the uniaxial compressive buckling tests, a Nikon D7100 

camera (Nikon, Melville, NY, USA) was used, equipped with a 24-

mm lens and capable of capturing images at a resolution of 3,840 

× 2,748 pixels, to capture the buckling mode of the samples. This 

camera setup allowed us to acquire images every second. 

Positioned at a distance of 1.3 m, it was ideal for capturing the 

entire effective gauge length of the samples within the region of 

interest. A Nila Varsa LED light was used during the imaging 

process to ensure proper illumination. Furthermore, the 

equation for calculating energy absorption in these tests is as 

follows: 

 

max

0

 

v

U Fdu= 
 (1) 

where U is the total energy absorption, calculated based on the 

area enclosed by the compressive load-displacement curve, in 

this context, u represents the compressive displacement, vmax is 

the maximum compressive displacement observed until a frac-

ture occurs, and F refers to the uniaxial compressive load. 

Therefore, the energy absorption U is essentially the integral of 

the load-displacement curve up to the point of maximum dis-

placement or fracture. 

2.6. Euler and Johnson buckling under two clamped 

ends condition 

According to the theory of elastic stability [54], it is possible to 

determine the critical local, buckling load, and lateral displace-

ment of the 14-inch beam. Figure 3 illustrates the boundary 

condition of the 7-inch chord when subjected to compressive load. 

 

Figure 3 • Schematic of the boundary condition of the compressive 

buckling tests. 

The Euler buckling load is calculated by: 
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where E is Young’s modulus of the PLA, I is the moment of 

inertia of the cross section, and l is the length of the rectangular 

beam. 

The lateral displacement is given by: 
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where y is the lateral deflection, B is the magnitude of the 

deflection, d  is the position of interest in the longitudinal direc-

tion, and l is the effective length of the beam. 

The critical compressive buckling load under fixed ends is calcu-

lated using the Johnson parabola formula [54]: 
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where A and 
y  are the cross-sectional area and yield stress of 

the beam, respectively. I is the second moment of inertia of the 

cross section of the beam. 

2.7. Finite element model 

To simulate the various buckling modes and post-buckling 

behavior of the segmented 14-inch beam, a finite element model 

featuring a CZM bonding region was established. The Riks model 

was employed to analyze post-buckling behavior. The design of 

the 14-inch beam included a lattice truss infill, and the outer shell 

had a thickness of 0.8 mm. Figure 4 displays the topology of the 

lattice truss. The parameters defining the triangular pyramid 

within this structure are side length a = 5.85 mm, angle α = 34.9°, 

and height h = 4.78 mm. 

 

Figure 4 • FEM of a unit cell, illustrating the infill patterns in 

the 3D-printed 14-inch beam. (a) Lattice truss infill of the FDM-

printed 14-inch beam, as generated from AutoCAD software. (b) 

Detailed view of the unit triangular pyramid structure. 
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Figure 5 shows the 3D CZM complete with meshing. Finer 

meshes were employed, specifically in the fusion-joined region of 

the 14-inch beam, to ensure a precise solution. A detailed expla-

nation of the CZM is provided in the subsequent paragraph. 

In this model, linear hexahedral elements of type C3D8R were 

employed. To ensure fast convergence and avoid mesh-

dependent results, the total number of elements used was 13,580. 

The entire 14-inch beam was modeled as a linearly elastic solid, 

with plasticity also incorporated to represent buckling and post-

buckling modes accurately following plastic deformation. 

The model considered multiple slenderness ratios for the 14-inch 

beam, specifically 6, 12, and 18, to assess the effect of geometry 

on buckling performance. Notably, a slenderness ratio of 18 

corresponds to the realistic numerical value for the model SNL-

100-03 [45]. Moreover, the model includes two buckling modes 

for the adhesive-bonded segmented 14-inch beam, with the 

buckling mode of the single-piece-type serving as a benchmark. 

The lateral displacement, critical buckling loads, and energy 

absorption for these two types of 14-inch beams will be detailed 

in the Results and Discussion section. The mechanical properties 

of the 3D-printed 14-inch beams are as follows: Young’s modulus 
E = 3.5 GPa, shear modulus G = 1.4 GPa, and Poisson’s ratio  
ν = 0.3. The mechanical properties and cohesive parameters of 

each type of 14-inch beam are listed in Tables 1 and 2. 

 

Figure 5 • Schematic representation of the FEM model incorporating CZM in the bonding regions. This model depicts a beam 

assembled by connecting three distinct types of 14-inch beams, specifically analyzed under conditions of compressive buckling. 

Surfaces A-A, B-B, and C-C indicate side face, top face, and bonding interface of the middle rectangular block, respectively. 

Table 1 • Mechanical properties and cohesive parameters on the bonding region of each type of 14-inch beam in the hybrid element 

CZM approach 

Sample 

(14-inch beam) 

solid
E  

(GPa) 

nn
E  

(MPa/mm) 

ss
E  

(MPa/mm) 

tt
E  

(MPa/mm) 

solid
V  

(%) 

cohesive
V  

(%) 

t  

(mm) 

Adhesive bonded  1.12 1 1 1 23 77 0.01 

Resistance welded  3.75 2.5 2.5 2.5 20 80 0.25 

Note: In the notation, “solid” and “cohesive” refer to the solid and cohesive elements in the bonding region, respectively. The notations “nn”, “ss”, and “tt” represent 

the longitudinal, transverse, and normal directions within the cohesive zone, respectively. Additionally, “t” denotes the thickness of the adhesive layer. 

Table 2 • Cohesive parameters on the bonding region of each type of 14-inch beam of the CZM approach 

Sample (14-inch beam) 
nn

E  (GPa/mm) 
ss

E  (GPa/mm) 
tt

E  (GPa/mm) t  (mm) 

Resistance welded 1.83 1.83 1.83 10−4 

Adhesive bonded 1.12 1.12 1.12    10−4 

 

In the models of both the adhesive-bonded and resistance-

welded segmented 14-inch beams, a hybrid element approach 

using CZM was employed. This involved the insertion of an 

infinitesimally thin cohesive layer—10 μm for adhesive bonded 

and 25 μm for resistance welding—comprised of solid and 

cohesive elements between the two segmented regions. This layer 

was designed to capture the interfacial bonding on the post-

buckling performance of the beams accurately. For the adhesive-

bonded region, a bilinear traction–separation law was applied. 

Furthermore, the 3D cohesive stiffness in these regions was 

assumed to be uniform [55]. Additionally, a viscous regulation 

was incorporated into the interphase region to stabilize the 

computational solution and prevent a sudden loss of stiffness. 

3. Results and discussion 
3.1. Mechanical characterization of the 14-inch beam 

in compression 

Figure 6 displays the relationship between compressive load 

and compressive displacement for the three different types of  

14-inch beams. All three variations demonstrate a ductile failure 

mode, indicating robust resistance to catastrophic failure. 

Notably, the single, slender 14-inch beam produced via 3D print-

ing exhibits the highest compressive load capacity. 

The investigation revealed that adhesive bonding, while effective, 

shows a somewhat lower stiffness compared to resistance welding. 

However, incorporating an internal shaft design significantly 
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enhances the compressive strength. The compressive strength 

values for the single-piece, adhesive-bonded, and resistance-

welded 14-inch beams are 5,162 N, 4,790 N, and 3,550 N, 

respectively. The bonding strength efficiencies for the adhesive-

bonded and resistance-welded beams are 92.79% and 68.77%, 

respectively (bonding strength efficiency = the strength of a 

bonded cord/the strength of a single continuous cord). 

Regarding compressive stiffness, the single-piece, adhesive-

bonded, and resistance-welded 14-inch beams demonstrate 1,523 

N/mm, 1,064 N/mm, and 1,076 N/mm, respectively. A detailed 

comparison and summary of these three types of beams can be 

found in Table 3. The lateral displacements were measured 

using DIC experiments, and the critical compressive buckling 

loads were subsequently determined. 

 

Figure 6 • Graphical representation of compressive load versus compressive displacement for three types of beams under compression 

tests. Each beam is constructed by connecting three identical cords, each set of three beams utilizing different cord types. The solid 

lines are an average of the three tests on identical chords. The error bars represent the deviation from the averaged curves. 

Table 3 • The compressive buckling tests on the three types of 14-inch beams 

  Sample 

  (14-inch beam) 
c

k  

(N/mm) 

max
P  

(N) 

yσ  

(MPa) 

c
A  

(mm2) 

c
I  

(mm4) 

cr
P  

(N) 

/long tranE E  
c

U  

(N·mm) 

  Single piece 1,523.6 5,162.0 7.46 649.9 7,381.7 3,290.3 1.61 28,550.1 

  Resistance welded  1,076.9 3,550.4 5.12 649.9 7,381.7 1,917.6 1.14 19,609.6 

  Adhesive bonded  1,064.3 4,790.2 7.91 649.9 7,381.7 2,986.4 1.13 17,865.2 

Note: 
c

k  is the compressive stiffness, 
max

P  is the maximum compressive load, 
y

  is the compressive at the yield point, 
c

A  is the cross-sectional area, 
c

I   

is the second moment of inertia in the cross-sectional area, 
cr

P  is the critical compressive buckling load, 
long tran

/E E  is the ratio of stiffness between the 

longitudinal and transverse directions, and Uc is the energy absorption until the fracture occurs. 

The first buckling modes for each of the three types of the 14-inch 

beam are depicted in Figures 7–9. During the experiments, 

three critical stages were identified, starting from the onset of 

compressive buckling and continuing until fracture initiation. A 

global buckling mode was observed in all three types of beams, 

suggesting that the stiffness of the fusion-joined region is 

comparable to that of the 3D-printed sections of the beams. 

 

Figure 7 • Illustration of the first buckling mode of the single-piece 14-inch beam under uniaxial compression load. (a) Deformation 

at 100 s (compressive displacement: 2.5 mm), (b) deformation at 125 s (compressive displacement: 3.1 mm), (c) deformation at 150 s 

(compressive displacement: 3.7 mm), and (d) deformation at 200 s (compressive displacement: 5 mm). Note: Stage (a) represents the 

critical stage where compressive buckling initiates, and stage (d) marks fracture initiation. 
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Figure 8 • Display of the first buckling mode of the adhesive-

bonded 14-inch beam subjected to uniaxial compression load. 

The stages of deformation are captured at different time intervals: 

(a) deformation at 100 s (compressive displacement: 2.5 mm), (b) 

deformation at 125 s (compressive displacement: 3.1 mm), (c) 

deformation at 150 s (compressive displacement: 3.7 mm), and 

(d) deformation at 200 s (compressive displacement: 5 mm). 

 

Figure 9 • Overview of the first buckling mode of the resistance-

welded 14-inch beam under uniaxial compression load. Each 

critical stages are captured at different time intervals: (a) 

deformation at 75 s (compressive displacement: 1.9 mm), (b) 

deformation at 125 s (compressive displacement: 3.1 mm), (c) 

deformation at 150 s (compressive displacement: 3.7 mm), and 

(d) deformation at 200 s (compressive displacement: 5 mm). 

The first buckling modes for each type of 14-inch beam were 

recorded using a sequence of images at a frame rate of 1 fps. 

Notably, in the case of the single-piece 14-inch beam, no significant 

lateral displacement was observed within the first 25 s (compres-

sive displacement: 0.6 mm), in contrast to the other two types of 

beams. This suggests that the single-piece beam can withstand a 

high load (ultimate compressive stress) for a considerable time 

(~100 s) or compressive displacement (2.5 mm) before any visible 

buckling shape becomes apparent. 

In comparison, the resistance-welded and adhesive-bonded  

14-inch beams exhibited visible buckling shapes after approxi-

mately 50 s or 0.8 mm in compressive displacement. Interest-

ingly, the resistance-welded 6-inch chord showed more signifi-

cant lateral displacement than the adhesive-bonded beam. 

Initially, the post-buckling behavior of the adhesive-bonded and 

resistance-welded 7-inch chords appeared similar. However, as 

time progressed, the resistance-welded 14-inch beam underwent 

more severe buckling and ultimately failed earlier than its 

counterparts. Despite these differences, all three types of beams 

demonstrated a global buckling mode. 

The first principal strain distributions of the adhesive-bonded 

and resistance-welded 14-inch beams are shown in Figure 10. 

Compared to the single 3D-printed 14-inch beams, the first 

principal strain distribution of resistance-welded 14-inch beams 

mitigated from the outer edge into the inner bonding line owing 

to the residual stress induced in this region. 

Analysis of Figure 10 reveals distinct differences in the first 

principal strain patterns between the adhesive-bonded and 

resistance-welded 14-inch beams. In the adhesive-bonded beam, 

the highest strain is concentrated at the edge, gradually 

diminishing along the bonding line and extending into the outer 

surrounding substrates. Conversely, in the resistance-welded 

beam, the highest strain is centrally located near the edge and 

diffuses more evenly into the surrounding substrates under 

tension. This pattern suggests that, in cases where the bonding 

strength is uniformly distributed along the bonding line, the edge 

is typically the first site for crack initiation due to the maximum 

surface tension in that region. However, for the resistance-

welded 14-inch beam, variations in bonding strength along the 

bonding line are observed, likely due to nonuniform impregna-

tion during the welding process. Notably, the first principal strain 

in the resistance-welded beam is higher than in the adhesive-

bonded beam, implying that the resistance-welded bonding area 

can absorb more energy. Therefore, while the resistance welding 

process demonstrates the potential for achieving higher bonding 

quality, addressing the issue of nonuniform bonding is crucial for 

optimizing its effectiveness. 

 

Figure 10 • Visualization of the first principal strain distribution 

as determined by DIC in the bonding region of the 14-inch beam 

at the initial fracture stage. The figure includes: (a) the adhesive-

bonded beam, (b) the resistance-welded beam, and close-up 

views of the region of interest for (c) the adhesive-bonded beam 

and (d) the resistance-welded beam. 
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Figure 11 displays images depicting the failure modes of the 

three types of 14-inch beams. The fractures in these beams 

primarily propagated along the edge line of the rectangular 

polymer block. This pattern of failure is attributed to the sharp 

geometric transition from the airfoil span to the rectangular 

polymer block, which likely acted as a stress concentrator. 

The initiation of failure in all three types of 14-inch beams is 

predominantly observed in the middle and bottom sections of the 

rectangular box area. This pattern can be attributed to the uneven 

outer geometric transition from the airfoil to the sharp edges of 

the rectangular box. Stress analysis at these sharp edges revealed 

a stress ratio of 1:2, underscoring the importance of smooth outer 

geometry in airfoil structure design. An uneven surface can 

significantly reduce the load capacity in localized areas. 

 

Figure 11 • Images of the fractured 14-inch beams. The images include (a) a 3D-printed single-piece 14-inch beam, (b) a 14-inch beam 

assembled by adhesive bonding two 7-inch chords, and (c) a 14-inch beam created by resistance welding two 7-inch chords. 

While the rectangular box design in our experiments created a 

uniform region of interest for compressive buckling experiments, 

it is not an ideal structural design in practical applications. 

Additionally, in some adhesive-bonded and resistance-welded 6-

inch chords, cracks were observed to initiate on the inner side of 

the bonding line, subsequently spreading to the outer 3D-printed 

substrate. This highlights that the bonding area remains vulner-

able in the structure and warrants further reinforcement. 

In all three beam types, the propagation and rapid breakage of 

cracks are influenced by the nature of the PLA material and the 

low adhesion strength between adjacent deposited layers. There-

fore, improving layer adhesion strength is critical for enhancing 

the structural integrity of these beams. 

3.2. Hybrid FEM compression modeling of 14-inch 

beams formed by connecting the three types of 7-inch 

chords 

Figure 12 presents the compressive stress versus compressive 

displacement curves for the three types of 14-inch beams. The 

primary objective of these curves is to validate the accuracy of the 

FEM simulations. The results demonstrate that both the CZM 

and the hybrid CZM approaches successfully achieved high 

accuracy in the simulations. 

 

Figure 12 • Compressive stress versus compressive displacement curves of the 14-inch beams under experimental and FEM simulation 

configurations. The images include (a) single piece, (b) resistance welded, and (c) adhesive bonded. 

In Figure 12, it is evident that all FEM simulations were carried 

out until the ultimate compressive strength was reached. For the 

single-piece 14-inch beam, including plasticity in the model 

enhanced its alignment with the experimental curve, a step that 

was not deemed necessary for the other two beam types. Notably, 



https://www.academia.edu/journals/academia-materials-science/about https://doi.org/10.20935/AcadMatSci7281 

ACADEMIA MATERIALS SCIENCE 2024, 1 9 of 20 

both the CZM and the hybrid CZM approaches exhibited good 

agreement with the experimental curves. 

However, the limitations of the CZM approach in terms of nu-

merical accuracy become apparent in Figure 12c. As depicted in 

Figure 12b, when the stiffness of the bonding interphase is 

sufficiently high (CZM: cohesive stiffness at 1.83 GPa/mm), the 

CZM approach can replicate a similar stress versus time response 

as observed in the experimental results. However, as illustrated 

in Figure 11c, when the stiffness of the bonding interphase is 

slightly lower, as in the case of resistance welding (CZM: cohesive 

stiffness at 1.12 GPa/mm), the initial phase of the FEM compu-

tation exhibits instability (unstable duration from 0 to 70 s, 

equivalent to 0–1.75 mm compressive displacement) before 

stabilizing. This instability, particularly evident in the elastic 

region, can significantly affect the critical buckling load and the 

numerical computation, especially when sensitive to the cohesive 

parameters related to interphase thickness (t ≈ 10−4 mm). A lower 

interphase thickness increases the sensitivity of the computation 

results and prolongs the time required to achieve an accurate 

outcome. 

Therefore, considering the limitations observed in the CZM 

approach, it may not be the most suitable solution for predicting 

the mechanical behavior of fusion-joined engineering structures 

due to these sensitivities and instabilities. 

Figure 13 illustrates the influence of layer thickness and the 

ratio of solid to cohesive elements on the compressive strength of 

the fusion-joined beam. It is crucial to accurately represent the 

bonding line thickness and the solid–cohesive element ratio in 

the model, as these factors significantly influence the compres-

sive strength of the 3D-printed structure. The analysis shows that 

a thinner bonding line with more solid elements increases 

compressive strength in the fusion-joined beam under similar 

boundary conditions. Based on the observation of Figure 13, the 

suggested interphase thickness and solid–cohesive element ratio 

are 10–100 μm and 50–75%, respectively. This visualization aids 

in making the bonding line region in the model more repre-

sentative of real-world scenarios, thereby enhancing the accuracy 

and reliability of the simulations. 

 

Figure 13 • Graphs showing compressive stress versus compressive displacement for the adhesive-bonded 14-inch beam. The figure 

highlights (a) the effect of interphase thickness, with a distribution of 23% solid elements and 77% cohesive elements; and (b) the effect 

of varying the ratio of solid to cohesive elements. 

The initial setting for the interphase thickness was based on the 

average thickness of the sample (t ≈ 1 mm). However, as observed 

in Figure 13b, the ultimate compressive stress of the adhesive-

bonded 14-inch beam did not align closely with the actual 

experimental value, approximately 8 MPa. It was found that 

simply increasing the interphase stiffness is not an effective 

strategy, as it results in a marginal increase in strength efficiency 

and can lead to unrealistically high stress concentrations, thereby 

underestimating the critical buckling load. 

As suggested by the findings in Figure 13b, a more practical 

approach involves maintaining the interphase stiffness within a 

reasonable range (1–5 GPa [56]) while reducing the interphase 

thickness. This adjustment better replicates the ultimate com-

pressive stress over compressive displacement. The figure also 

indicates that higher compressive stress is observed when a lower 

proportion of solid elements is used in the bonding interphase, 

attributable to the reduction in cross-sectional area under a 

similar compressive load. However, the relationship between 

actual compressive stress and the proportion of solid elements is 

not linear. The compressive load is borne not only by the solid 

elements but also by the cohesive elements. While cohesive 

elements contribute to the load, solid elements play a more 

significant role, especially in determining the critical buckling 

load in the hybrid element CZM. 

Table 4 illustrates the influence of cohesive stiffness on the 

lateral displacement of the fusion-joined beam. In the context of 

compressive buckling observation, it is not sufficient to merely 

match the compressive stress of the fusion-joined beam as a 

function of time for structural validation. Equally important is 

the assessment of the beam’s lateral displacement over time. This 

aspect of the analysis is particularly sensitive to the cohesive 

stiffness of the elements within the bonding line, underscoring 

the need for an accurate representation of these parameters in 

the model. 

The cohesive stiffness of the bonding interphase plays a signif-

icant role in determining the lateral displacement of the 14-inch 

beam during a uniaxial compression test. It is necessary to use a 

sufficiently thin interphase in the bonding region to accentuate 

the role of cohesive stiffness. Despite this, the amount of lateral 

displacement is primarily influenced by the properties of the 

solid elements, which typically possess higher stiffness than the 

cohesive elements. Consequently, fine-tuning the cohesive pa-

rameters remains essential to optimize the compressive buckling 

behavior of the 14-inch beams. 
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Table 4 • The lateral displacement versus cohesive stiffness for beams under compression 

Sample (14-inch beam) Cohesive stiffness (MPa) Lateral displacement (mm) 

Adhesive bonded 

0.1 10.18 

1 9.85 

10 9.78 

Resistance welded 

0.1 12.69 

1 12.90 

10 12.75 

This table presents data for beams formed by adhesive bonding or resistance welding three 14-inch-long segments. 

Figure 14 shows both the DIC results and the FEM simulation 

plots for the adhesive-bonded and resistance-welded 14-inch 

beams. This figure includes plots of the first-order principal 

strain distribution for the adhesive-bonded beams and the lateral 

displacement of the resistance-welded beams, as derived from 

the model. These plots are then benchmarked against the corre-

sponding DIC images. The comparison of these results indicates 

a strong correlation between the FEM simulations and the DIC 

images, demonstrating the accuracy of the FEM in replicating the 

strains and displacement patterns. 

 

Figure 14 • Comparison of strain distribution and lateral displacement at the fracture initiation stage for adhesive-bonded and 

resistance-welded 14-inch beams, as determined by DIC results and FEM simulation plots. The figure includes (a) longitudinal strain 

plot on the bonding interphase for the adhesive-bonded beam, as modeled by the hybrid element CZM approach; (b) first principal 

strain plot on the bonding interphase for the adhesive-bonded beam, as captured by DIC; (c) lateral displacement plot on the bonding 

area for the resistance-welded beam, as modeled by the hybrid element CZM approach; (d) lateral displacement plot on the bonding 

area for the resistance-welded beam, as captured by DIC; (e) detailed view of the region of interest for the adhesive-bonded 14-inch 

beam; and (f) detailed view of the region of interest for the resistance-welded 14-inch beam. 

The hybrid element CZM plots are benchmarked against DIC 

images to enhance the numerical accuracy concerning the solid–
cohesive element ratio. In these plots, the cohesive element 

represents the softening region within the interphase, a charac-

teristic that can be adjusted by modifying the number of elements 

involved. This benchmarking process focuses on the fracture 

initiation stage to ensure precision. 

Maintaining an appropriate proportion of cohesive elements in 

the interphase is critical for accurately capturing the softening 

behavior at the desired loading stage. It also helps minimize 

computational costs, which can escalate with excessive cohesive 

elements [40]. Both the adhesive-bonded and resistance-

welded 14-inch beams demonstrate strong concordance with the  

experimental data and numerical results, validating the effective-

ness of the applied modeling approach. 

Figure 15 shows the distribution of longitudinal strain and 

lateral displacement on the bonding interphase for the adhesive-

bonded and resistance-welded 14-inch beams. The numerical 

values depicted in these models strongly agree with the results 

obtained from compressive buckling experiments. This corre-

lation underlines the accuracy of the modeling in replicating the 

physical behaviors observed in the experiments. 

After adjusting the ratio of solid to cohesive elements based on 

the softening area observed during the critical buckling state of 

the two types of 14-inch beams, the longitudinal strain and lateral 

displacement at the bonding interphase were compared between 
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the hybrid CZM approach and DIC measurements. In this 

numerical comparison, the adhesive-bonded 14-inch beam corre-

lated more closely with the DIC results than the resistance-

welded beam. This discrepancy is attributed to the nonuniform 

stiffness distribution along the bonding region of the resistance-

welded beam. The hybrid CZM approach operates under the 

assumption of uniform stiffness in the interphase region, a 

simplification that may not entirely reflect realistic conditions. 

 

Figure 15 • FEM results of the principal strain and lateral displacement distribution in the bonding region of 14-inch beams. The 

figure (a) illustrates the longitudinal strain distribution at the fracture initiation state in the bonding interphase of an adhesive-bonded 

14-inch beam and (b) shows the lateral displacement distribution at the fracture initiation state in the bonding interphase for a 

resistance-welded 6-inch chord. Note: The red dashed line and red zone indicate areas under compression, while the blue dashed line 

and blue zone represent areas under tension. 

As the primary focus of this study is to determine the critical 

buckling load using hybrid CZM modeling, no disparities in 

lateral displacement or first principal strain were observed under 

DIC measurements at the critical buckling state (lateral 

displacement = 1 mm). Consequently, uniform stiffness was 

presumed for both the adhesive-bonded and resistance-welded 

14-inch beams in the hybrid CZM models. However, it is worth 

noting that the hybrid CZM approach can model discontinuous 

interphase stiffness by modifying local element stiffness, partic-

ularly when considering fracture behavior. 

Figure 16 displays the energy absorption in the bonding region 

as a function of lateral displacement for both adhesive-bonded 

and resistance-welded 14-inch beams. In the case of the adhe-

sive-bonded 14-inch beam, the stable energy absorption ob-

served in the bonding line can be attributed to the mechanical 

interlocking between the male shaft and the female locket. 

Furthermore, the high level of crystallization in the PLA and the 

compressive residual stress between the PLA and metallic fibers 

in the bonding line is crucial for maintaining stable energy 

absorption during post-buckling scenarios. 

 

Figure 16 • Graph showing energy absorption in the bonding region as a function of lateral displacement for 14-inch beams. The figure 

includes two parts: (a) representing the adhesive-bonded beam and (b) depicting the resistance-welded beam. 

During the compressive buckling test, the force exerted on the 

bonding interphase of both resistance-welded and adhesive-

bonded 14-inch beams was predominantly compressive before 

the onset of buckling. It was observed that the cohesive elements 

in these beams could store more potential energy than solid 

elements until compressive deformations reached 1.25 mm and 

1.75 mm, respectively, for the resistance-welded and adhesive-

bonded beams. However, once buckling was initiated, the loading 

on the bonding interphase changed: it was no longer purely 

compressive, as the shear load was induced due to lateral 

displacement, transforming the compressive load into a bending 

load. 

In the post-buckling phase, solid elements bear a substantially 

higher bending load than cohesive elements. Therefore, incorpo-

rating solid elements into the bonding interphase is crucial for 

accurately modeling compressive buckling performance, such as 

in the computation of critical buckling loads. While increasing 
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the shear stiffness of cohesive elements is theoretically possible 

for modeling compressive buckling, this approach can lead to 

computational convergence challenges. Employing solid ele-

ments, in contrast, can significantly reduce computational costs 

while maintaining high accuracy. 

When comparing adhesive-bonded and resistance-welded 14-

inch beams, it was noted that the strain energy on the bonding 

interphase of the resistance-welded beams was considerably 

higher than that of the adhesive-bonded beams, attributable to 

thicker bonding interphase and greater interphase stiffness. At 

the critical buckling stage, the strain energies for the resistance-

welded and adhesive-bonded beams were measured at 1.09 J and 

2.48 J, respectively. Furthermore, at the fracture initiation stage, 

the strain energies were recorded at 10.44 J for the resistance-

welded beam and 11.31 J for the adhesive-bonded beam. 

Table 5 summarizes various parameters, including uniaxial 

compressive stress, compressive strain, lateral displacement, 

energy absorption, and peak first principal strain on the bonding 

interphase of the 14-inch beams. Through the combined use of 

DIC and uniaxial compressive buckling tests, the accuracy of the 

FEM was thoroughly validated. This table serves as a reference 

for comparing the experimental data with FEM predictions, 

thereby confirming the reliability of the simulation results. 

Table 5 • Detailed metrics at the fracture initiation stage (marking the end of the post-buckling stage) for 14-inch beams, including 

uniaxial compressive stress (
uni

 ), compressive strain (
uni
 ), lateral displacement (

lat
d ), energy absorption (

total
U ), and peak first 

principal strain (
lat
 ) specifically measured at the bonding interphase of the 14-inch beams 

Sample (14-inch 

beam) 
uni

σ  

(MPa) 

uni
ε  

(mm/mm) 

_lat FEM
d  

 (mm) 

_lat DIC
d  

(mm) 

_lat FEM
ε  

 (mm/mm) 

_lat DIC
ε  

(mm/mm) 

total
U  

 ( )3/J m  

Single piece 7.94 0.0139 6.75 6.92 0.0293 – – 

Resistance welded  5.46 0.0139 13.09 13.04 0.2007 0.2065 5.33 × 105 

Adhesive bonded  7.36 0.0139 9.79 9.82 0.1081 0.1154 1.37 × 106 

 

3.3. Critical buckling load and buckling modes of the 

14-inch beams 

Figures 17–19 illustrate the relationship between the critical 

buckling load and the slenderness ratio for 14-inch beams across 

multiple buckling modes (modes 1–3). The use of the hybrid 

element CZM approach in these figures demonstrates high 

accuracy for all three slenderness ratios across the three buckling 

modes. When comparing the simulation results with exper-

imental data, it becomes apparent that both Euler’s and John-

son’s methods have limitations in accurately predicting the 

buckling load for fusion-joined structures. 

In the first flexural buckling mode context, the hybrid CZM 

approach demonstrates a good correlation with the results of 

compressive buckling tests, especially for beams with a slenderness 

ratio of 6. However, the Euler and Johnson formulas tend to 

underestimate the critical buckling loads by approximately 33% 

and 34% for the resistance-welded beams and about 25% for the 

adhesive-bonded 14-inch beams, respectively. 

When considering beams with higher slenderness ratios 

(specifically 12 and 18 in the simulation, compared to the critical 

slenderness ratio, in this case, of 13.2 in the experiment), the 

predicted compressive buckling loads from the hybrid element 

CZM approach and Euler’s formula show closer agreement. This 
indicates that while Euler’s formula may have limitations at lower 
slenderness ratios, its accuracy improves for beams with higher 

slenderness ratios. 

Regarding the second flexural buckling mode, the Euler for-

mula’s estimates for critical buckling loads exceed those of the 
hybrid element CZM approach by 48% and 31% for the re-

sistance-welded and adhesive-bonded 14-inch beams, respec-

tively, at a slenderness ratio of 6. When considering higher  

slenderness ratios (12 and 18), the discrepancy widens: the Euler 

formula predicts compressive buckling loads that are 68% and 

78% higher than the hybrid CZM approach for the resistance-

welded 6-inch chords and 50% and 59% higher for the adhesive-

bonded 6-inch chords, respectively. 

As for the Johnson formula, its predictions for the resistance-

welded 14-inch beams are 53% higher at a slenderness ratio of 12 

but 19% lower at a slenderness ratio of 6. For the adhesive-

bonded 14-inch beams, the Johnson formula estimates are 46% 

higher at a slenderness ratio of 12 and 35% lower at a slenderness 

ratio of 6. These findings highlight the varying degrees of 

accuracy between these formulas and the hybrid element CZM 

approach, particularly across different slenderness ratios and 

beam types. 

In the third flexural buckling mode context, the Euler formula 

significantly overestimates the critical buckling loads compared 

to the hybrid element CZM approach. For resistance-welded and 

adhesive-bonded 14-inch beams at a slenderness ratio of 6, the 

Euler formula’s estimates are higher by 230% and 105%, respec-

tively. With higher slenderness ratios of 12 and 18, the discrep-

ancy remains notable: the Euler formula predicts compressive 

buckling loads 98% and 156% higher than the hybrid CZM 

approach for resistance-welded beams and 74% and 83% higher 

for adhesive-bonded beams, respectively. 

Concerning the Johnson formula, its predictions for the re-

sistance-welded 14-inch beams are 63% higher at a slenderness 

ratio of 12 and 88% higher at 18 but 12% lower at 6. For adhesive-

bonded beams, the Johnson formula estimates the compressive 

buckling load to be 33% higher at a slenderness ratio of 12, 78% 

higher at 18, but 50% lower at 6. These results highlight the 

significant variation in accuracy between these traditional 

formulas and the hybrid element CZM approach, especially as the 

slenderness ratio changes. 
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Figure 17 • Graph showing the relationship between critical buckling load and beam slenderness ratio for 14-inch beams under mode 

one flexural buckling: (a) the single-piece beam, (b) the resistance-welded beam, and (c) the adhesive-bonded beam. 

 

Figure 18 • The critical buckling load as a function of beam slenderness ratio for 14-inch beams under mode two flexural buckling: (a) 

the single-piece beam, (b) the resistance-welded beam, and (c) the adhesive-bonded beam. 
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Figure 19 • The critical buckling load as a function of beam slenderness ratio for 14-inch beams under mode three flexural buckling: 

(a) the single-piece beam, (b) the resistance-welded beam, and (c) the adhesive-bonded beam. 

Overall, the Euler formula accurately predicts the first flexural 

buckling mode for resistance-welded and adhesive-bonded 14-inch 

beams, mainly when the slenderness ratio is high (greater than 12). 

On the other hand, the Johnson formula tends to be more accurate 

for the second and third flexural buckling modes in resistance-

welded and adhesive-bonded 14-inch beams, significantly when 

the slenderness ratio ranges between 6 and 12. This differentiation 

in accuracy underscores the importance of selecting the appropri-

ate formula based on the specific buckling mode and the slen-

derness ratio of the beams under consideration. 

Figures 20–22 show the flexural buckling modes of single-

piece, resistance-welded, and adhesive-bonded 14-inch beams. 

These figures reveal that the stress distribution and buckling 

modes exhibit notable similarities across all three beam types. 

This consistency in behavior provides valuable insights into the 

structural characteristics and performance under buckling condi-

tions for each type of beam. 

 

Figure 20 • Visualization of flexural buckling modes in single-piece 14-inch beams. The figure illustrates (a) the first flexural buckling 

mode, (b) the second flexural buckling mode, and (c) the third flexural buckling mode. Note: The deformation in these images is 

upscaled by a factor of 35.56 for a more precise visualization. 
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The observed buckling modes of the resistance-welded and 

adhesive-bonded 14-inch beams closely resemble those of the 

single-piece 14-inch beam. This similarity suggests that the 

bonding in the interphase does not significantly affect the buckling 

modes, thereby validating the efficacy of resistance welding and 

adhesive bonding as reliable methods for fusion joining 

thermoplastic polymers. However, it is noteworthy that the single-

piece 14-inch beam facilitates a smoother stress flow along its 

entire span. 

In contrast, areas of high stress concentration are noted at the 

buckling peaks and along the rectangular edges in the resistance-

welded and adhesive-bonded beams, attributable to lower 

bonding strength at the interphase. This observation underscores 

the need to enhance the bonding strength in resistance-welded 

and adhesive-bonded 14-inch beams to achieve a more uniform 

stress distribution throughout the structure. The numerical 

values of critical buckling loads of 14-inch beams are listed in 

Tables 6–9. 

 

Figure 21 • Visualization of flexural buckling modal shapes for an adhesive-bonded 14-inch beam. The figure includes (a) the first 

flexural buckling mode, (b) the second flexural buckling mode, and (c) the third flexural buckling mode. Note: The deformation in 

these images is upscaled by a factor of 29.91 to facilitate clearer visualization. 

 

Figure 22 • Illustration of flexural buckling modal shapes in resistance-welded 14-inch beams. This figure demonstrates (a) the first 

flexural buckling mode, (b) the second flexural buckling mode, and (c) the third flexural buckling mode. Note: The deformation 

depicted in these images is upscaled by a factor of 29.34 for an enhanced visualization. 



https://www.academia.edu/journals/academia-materials-science/about https://doi.org/10.20935/AcadMatSci7281 

ACADEMIA MATERIALS SCIENCE 2024, 1 16 of 20 

Table 6 • Critical buckling loads of 14-inch beams under different buckling modes 

Sample (14-inch 

beam) 

Approach Buckling load (N) 

(mode 1) 

Buckling load (N) 

(mode 2) 

Buckling load (N) 

(mode 3) 

Single piece  Euler 2,868.51 11,473.85 25,816.16 

Johnson 2,799.74 4,336.63 4,621.24 

FEM 2,730.80 5,230.40 9,841.50 

Resistance welded  Euler 1,280.84 5,123.37 11,527.58 

Johnson 1,166.24 2,787.52 3,087.76 

FEM–CZM 81.57 137.74 210.62 

FEM–CZM 

hybrid 
1,782.01 3,452.75 6,040.10 

Adhesive bonded  Euler 2,212.66 8,850.62 19,913.90 

Johnson 2,154.71 4,394.74 4,809.56 

FEM–CZM 140.92 237.94 363.84 

FEM–CZM 

hybrid 
3,095.97 6,743.65 9,714.75 

Note: The mode indicates the order of the buckling shape of the 14-inch beam. 

Table 7 • Compilation of critical buckling loads for 14-inch beams under various slenderness ratios in the first flexural buckling 

mode 

Sample 

(14-inch beam) 

Approach Buckling load (N) 

(SR: 6) 

Buckling load (N) 

(SR: 12) 

Buckling load (N) 

(SR: 18) 

Single piece Euler 2,868.51 717.12 318.72 

Johnson 2,799.74 – – 

FEM 2,730.80 558.93 232.44 

Resistance welded  Euler 1,280.84 320.21 142.32 

Johnson 1,166.24 – – 

FEM–CZM 81.57 – – 

FEM–CZM hybrid 1,782.01 372.26 156.18 

Adhesive bonded  Euler 2,212.66 553.16 245.85 

Johnson 2,198.12 – – 

FEM–CZM 140.92 – – 

FEM–CZM hybrid 3,095.97 730.33 304.50 

Note: SR indicates the slenderness ratio of the 14-inch beam. This table provides a detailed comparison of how critical buckling loads vary with changes in the 

slenderness ratio for this specific buckling mode. 
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Table 8 • Summary of critical buckling loads for 14-inch beams across various slenderness ratios in the second flexural buckling 

mode 

Sample 

(14-inch beam) 

Approach Buckling load (N) 

(SR: 6) 

Buckling load (N) 

(SR: 12) 

 Buckling load (N) 

(SR: 18) 

Single piece  Euler 11,473.84 2,868.46  1,274.87 

Johnson 4,336.63 2,799.73  238.25 

FEM 5,230.40 1,119.67  469.41 

Resistance welded  Euler 5,123.37 1,280.84  569.26 

Johnson 2,787.52 1,166.24  – 

FEM–CZM 137.74 –  – 

FEM–CZM hybrid 3,452.75 760.55  319.96 

Adhesive bonded  Euler 8,850.62 2,212.7  983.40 

Johnson 4,394.74 2,154.7  – 

FEM–CZM 237.94 –  – 

FEM–CZM hybrid 6,743.65 1,471.97  618.28 

This table presents a detailed analysis of how critical buckling loads are influenced by different slenderness ratios specific to the second mode of flexural buckling. 

Table 9 • Detailed overview of critical buckling loads for 14-inch beams at various slenderness ratios in the third flexural buckling 

mode 

Sample 

(14-inch beam) 

Approach Buckling load (N) 

(SR: 6) 

Buckling load (N) 

(SR: 12) 

Buckling load (N) 

(SR: 18) 

Single piece  Euler 25,816 6,454 2,869 

Johnson 4,621 3,938 2,799 

FEM 9,841.50 2,204.44 925.00 

Resistance welded  Euler 11,528 2,882 1,584.09 

Johnson 3,088 2,367 1,166 

FEM–CZM 140.92 – – 

FEM–CZM hybrid 3,495.97 1,455.65 619.86 

Adhesive bonded  Euler 19,914 4,979 2,213 

Johnson 4,810 3,814 2,155 

FEM–CZM 363.84 – – 

FEM–CZM hybrid 9,714.75 2,864.57 1,210.67 

This table provides an in-depth comparison, illustrating how critical buckling loads vary with different slenderness ratios, specifically in the context of the  

third mode of flexural buckling. 

The hybrid element CZM method has successfully predicted the 

compressive buckling loads of fusion-joined 14-inch beams 

across three different slenderness ratios. While the Euler and 

Johnson formulas remain valid and valuable under certain con-

ditions, the versatility of the hybrid element CZM method stands 

out. It offers the capability to predict compressive buckling loads 



https://www.academia.edu/journals/academia-materials-science/about https://doi.org/10.20935/AcadMatSci7281 

ACADEMIA MATERIALS SCIENCE 2024, 1 18 of 20 

and modes for fusion-joined beams with a wide range of slender-

ness ratios, making it a more flexible and broadly applicable tool 

in structural analysis. 

4. Conclusions 

Thin-walled lattice structures with an airfoil cross section using 

14-inch beams 3D printed with FDM were successfully fabri-

cated, which were then fusion joined using epoxy adhesive and 

resistance welding. The critical buckling loads of single-piece, 

adhesive-bonded, and resistance-welded 14-inch beams were 

determined using the Euler analytical formula, Johnson analyti-

cal formula, DIC experiments, and a hybrid element CZM 

numerical approach. Buckling modes were also analyzed using 

nonlinear buckling analysis (Abaqus–Riks method). 

Two modeling methodologies were implemented: the first meth-

od employed CZM to replicate the buckling performance of 

fusion-joined beams, while the second utilized solid–cohesive 

hybrid elements for a more visual representation of buckling 

performance. The results indicate that the latter approach (solid–
cohesive hybrid elements) outperforms the former (cohesive 

zone modeling) in capturing the critical buckling loads and 

modes. This novel strategy for nonlinear buckling modeling 

represents a significant advancement over traditional CZM, par-

ticularly in the context of fusion-joined additive-manufactured 

structures. 

While the Euler and Johnson formulas can accurately predict the 

critical compressive buckling loads of fusion-joined structures 

with high (>12) and intermediate (6–12) slenderness ratios due 

to the minimal effect of heterogeneous interphase bonding, their 

accuracy is limited to the first flexural buckling mode. These 

formulas falter in accurately determining the critical loads for 

lower slenderness ratios (<6) and higher-order buckling modes, 

where the sensitivity of numerical accuracy becomes a significant 

factor due to variables, such as yield stress, heterogeneity, 

bonding stiffness and strength, and slenderness ratio. 

Consequently, the hybrid element CZM approach emerges as a 

robust method for predicting linear and post-buckling perfor-

mance in structures with varying slenderness ratios and higher-

order buckling modes. This work underscores the importance of 

considering heterogeneous behavior in the interphase bonding 

region between joining segments to comprehensively understand 

the buckling behavior of fusion-joined, additive-manufactured 

slender structures. 
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