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Abstract— Grid integration of renewables through power elec-

tronic grid-interface converters (GICs) is essential for achieving

a sustainable grid. This mission involves developing compact,

efficient converters with standardized interfaces to minimize

redundancy. In line with this objective, this article presents an

electromechanical–thermal design and packaging of two-stage

silicon carbide (SiC)-based 75-kVA GIC using TO-247 discrete

devices with two times lower cost-to-power ratio than power

modules. The power stage is 3-D packaged on a cylindrical-

hole-based three-face utilized heat sink to achieve 5.5-kW/L

power density, including passive components. For the dc–ac

stage, two-level split-phase (2L-SP) topology is employed, owing

to its lower switching loss and output dv/dt and increased

crosstalk immunity compared with simple two-level (2L) topology.

An equivalent switching transition circuit is derived for optimal

sizing of split inductors in 2L-SP. Furthermore, for device

interconnection, an optimized printed circuit board (PCB) layout

with flux cancellation and minimum board parasitic capacitance

is developed for optimal device switching with minimum voltage

overshoot. Moreover, for magnetics, the split-direct winding

technique is employed to achieve minimum winding capacitance.

Finally, the developed GIC is systematically tested at rated system

voltage with an RL load at 10 kVA.

Index Terms— 3-D converter-level packaging, grid-interface

converter (GIC), printed circuit board (PCB) parasitic capac-

itance, silicon carbide (SiC), split-direct winding, split-phase

topology (2L-SP), three-face utilized heat sink, TO-247 package,

vector fitting (VF).

I. INTRODUCTION

I
N RECENT years, grid integration of renewables, energy
storage, and electric vehicle (EV) charging systems has

resulted in a significant surge in the utilization of bidi-
rectional grid-interface converters (GICs). Typically, these
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converters consist of a two-stage configuration, consisting of
a grid-interfaced dc–ac converter coupled with a dc–dc stage
converter. Nevertheless, the emerging trend of employing GICs
within future smart grids brings challenges from both perfor-
mance and design perspectives. Addressing these challenges
becomes paramount to ensure efficient and reliable operation
within evolving grid infrastructures [1], [2].

To begin with, the dc side voltage varies depending on
the application. For instance, renewable energy sources such
as photovoltaic are intermittent and the output voltage varies
depending on sunlight intensity [3]. Similarly, in a battery
energy storage system, the voltage needs to be regulated
to ensure efficient charging or discharging. This variability
in voltage poses a constraint on the dc–dc stage, requiring
it to have a wide input range. Furthermore, GICs must be
fault-tolerant and reliable. The dc–ac converter stage is sus-
ceptible to various grid faults. In such scenarios, converter
typologies that are fault tolerant are preferable as they can
help in mitigating the rapid rise of fault current and keeping
it within the device’s current limit [4], [5].

Moreover, wide bandgap (WBG) devices, such as silicon
carbide (SiC), have led a paradigm shift to make GICs
compact and modular to lower manufacturing costs and
increase interoperability among GICs. The rationale behind
the trend is the fast switching capability of SiC devices,
which allow high-frequency operation, leading to shrinkage of
size passive components. However, from the device packaging
perspective, the fast switching behavior of SiC devices also
dictates a tight approach for interconnection between devices
to limit voltage overshoot during switching transition due to
the device’s package parasitic inductance and capacitance.
Furthermore, a design with high parasitics also increases
conducted and radiated electromagnetic emissions [electro-
magnetic interference (EMI)] [6], [7]. Achieving low parasitics
requires devices to be placed in proximity. However, this
requirement brings the concern of positive thermal coupling
between devices [8], [9]. Hence, power device layout is a mul-
tiobjective problem and requires electromechanical–thermal
codesign.

Power modules offer smaller footprints with optimized loop
inductance and thermal performance than discrete devices and
are preferred for high-power applications [7], [10]. A power
module packages semiconductor dies in a compact structure
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with an optimized layout, which is interconnected into various
circuit configurations [11], [12], [13], [14], [15]. The most
prevalent configurations include half-bridge, full-bridge, and
three-phase, while less frequent configurations include three-
level T-type neutral point clamped (3L-TNPC), three-level
active neutral point clamped (3L-ANPC), buck, and boost with
limited current and voltage ratings [16]. For power modules,
the designer is only required to design the bus bar, con-
troller, cooling, and gate driver. Nevertheless, power modules
lack standardization as manufacturers have proprietary module
designs, which drives up the system cost [17], [18].

In contrast, SiC devices in discrete packages are cheaper and
offer a low cost-to-power ratio due to their well-established
and standardized fabrication processes [19]. Besides this, they
also offer greater flexibility for converter-level packaging than
power modules, as they can be paralleled with flexibility
in spaced-constrained applications [20], [21], [22]. For GIC
applications, which typically have a dc link voltage of 800 V,
1200-V-rated SiC devices are predominantly used. Among the
standard discrete device packages for 1200-V SiC devices,
the TO-247 package is matured owing to its lower thermal
resistance with current ratings exceeding 100 A [23], [24].

Numerous works related to GIC development using SiC
devices in the TO-247 package have been reported in the
literature to achieve a low cost-to-power ratio, high efficiency,
and high density [17], [19], [25], [26], [27]. In [17] and [19],
a power module based on the repackaging of TO-247 discrete
SiC devices is proposed. To minimize the loop inductance,
a decoupling capacitor board based on a vertical loop layout
is embedded inside the package. Although the vertical loop
layout minimizes the loop inductance due to flux cancella-
tion [28], it increases the underlying parasitic capacitance
of the board, which slows down the device and increases
switching loss [29]. This is a challenge for the interconnection
of discrete devices using printed circuit board (PCB) and has
not been addressed in [17] and [19]. Besides this, the design
claims to achieve 11-kW/L power density for 75 kVA, but the
value is computed excluding magnetics.

Similarly, in [25] and [26], a design of 30-kW GIC using
six-paralleled 80-m� SiC devices per position is presented
with a comparatively lower power density of 2 kW/L, exclud-
ing passive components. The dc–ac stage is shown to achieve
99.07% efficiency at rated load, but no value is provided for
the two-stage efficiency. Furthermore, no insight into PCB and
passive component layout optimization, switching, and thermal
performance is presented. Mookken et al. [27] present a
design of a 50-kW two-stage GIC using second-generation SiC
discrete devices from Wolfspeed. The dc–dc stage comprises
a four-phase interleaved boost converter (IBC), and the dc–ac
stage is based on a three-level T-type inverter. The dc–dc stage
is shown to achieve a peak of 99.4% efficiency. However,
no value is provided for the two-stage efficiency and power
density. Besides this, no details on the power loop layout
optimization, thermal management, and magnetics design are
provided.

Furthermore, from the cooling perspective, the GICs in [17],
[19], [25], [26], and [27] are arranged laterally and use a
single-faced utilized heat sink, where the TO-247 devices
are placed on one side (top) of the heat sink (3-D layout).

This trend is also prevalent in SiC-based converters intended
for transportation applications [30]. However, the single-faced
utilized heat sink approach, albeit simpler, increases the overall
volume and footprint of the converter as a larger surface area
is required to arrange devices on one side of the heat sink.
Furthermore, a large base plate area is usually left for heat
spreading and the power devices cover a minor area of the heat
sink base plate [31]. As a result, the benefit of SiC devices
in increasing power density by shrinking the size of passive
components is overshadowed by the significant volume of the
heat sink. This limitation can be overcome through a multiface
utilized heat sink geometry and converter-level packaging to
achieve high power density while ensuring maximum thermal
performance.

Besides this, from the passive component performance per-
spective, the fast switching capability of SiC devices mandates
the design and packaging of passive components with mini-
mum parasitics [32]. For instance, the distributed intrawinding
and interlayer winding capacitances of an inductor interact
with the distributed inductance, leading to multiple series and
parallel resonances in the impedance at high frequencies [33],
[34]. These resonances are more prone to be excited with
WBG devices than silicon (Si) due to the relatively high
amplitude of high-frequency harmonics due to fast switching
(high dv/dt and dv/dt), leading to pronounced current or
voltage ringing during switching. In other words, the inductor
acts as a transmission line at high frequency, leading to
voltage or current ringing depending upon the impedance
mismatch [35], [36]. The voltage and current ringing increase
switching loss and introduce unwanted near-field EMI [37].

This article presents 3-D converter-level packaging and
passive component layout optimization of 75-kVA SiC-based
GIC to achieve high power density and heat sink utilization.
The GIC is electromechanically thermally designed and 3-D
packaged on a cylindrical hole-based heat sink, where three
faces (top and two sides) are utilized for cooling. The power
stage is built using discrete SiC devices in a TO-247 package,
offering a cost-to-power ratio two times lower than the power
modules with equivalent ratings. For device interconnection,
as opposed to [17] and [19], a comprehensive study is per-
formed to design a noninterleaved vertical layout for the
TO-247 device package with minimum parasitic capacitance
to achieve fast switching.

Furthermore, from a performance perspective, 2L-SP topol-
ogy is employed for the dc–ac stage, leveraging its inherent
fault-tolerant capability and crosstalk immunity [38], over the
standard 2L topology, predominantly employed in GICs [19],
[39]. A detailed design procedure for sizing split inductors
in 2L-SP, based on spike current minimization, is proposed
and utilized. Moreover, for winding layout optimization for
magnetics, the split-direct winding technique is employed
to improve the high-frequency impedance response, resulting
in a four times reduction in parasitic capacitance and 0.4%
current overshoot during the switching transition. Finally, the
GIC components are assembled together and tested at a rated
voltage of 10 kVA.

This article is organized as follows. Section II presents
the system architecture and discusses the topology and power
device selection of the proposed GIC. A brief discussion and
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Fig. 1. Proposed GIC schematic.

TABLE I
GIC SPECIFICATIONS

comparison of 2-D and 3-D converter packaging layouts in
Section III follow this. Section IV–VI highlight the hard-
ware development of major components of the GIC, which
involves designing and optimizing the three-face utilized heat
sink, power PCB, and magnetics winding layout. Section VII
focuses on developed GIC hardware testing, where test results
for standalone and two-stage testing are presented. Finally,
Section VIII concludes this article.

II. GIC STRUCTURE AND POWER DEVICE SELECTION

Fig. 1 shows the structure of the proposed GIC, comprising
dc–dc and dc–ac converter stages. The corresponding specifi-
cations of the dc–dc and dc–ac converter stages are tabulated
in Table I. The peak power handling capacity is 75 kVA. The
dc side has a variable voltage range of 500–800 V, while the
ac side is standard three-phase 480 L-L rms. The dc–dc and
dc–ac stages are interfaced at an 800-V common dc link.

Sections II-A and II-B discuss topology and power device
selection.

A. Topology Selection
1) DC–DC Stage: The GIC is intended to be interfaced with

the grid through a line-frequency transformer, providing iso-
lation between the grid and the dc side. In such configuration,
the dc–dc stage can be nonisolated [40], [41]. Hence, popular
isolated bidirectional topologies such as an L LC resonant
converter [42] and dual active bridge (DAB) [43], are not
considered.

The dc–dc stage needs to boost the voltage to the nominal
dc link value when the dc side voltage is less than 800 V and
power flow is from the dc side to the ac side. Conversely,
when the power flow is opposite, the voltage needs to be
lowered. For this purpose, among the traditional bidirectional
nonisolated topologies, the synchronous IBC topology pro-
vides benefits such as simple design and control, smaller
input current ripple 1iin and inductor size, smaller output
voltage ripple 1vout and capacitor size, modularity, wide-
range boost operation, and better thermal management [44].
Also, interleaving equally divides the current between phases
and lowers the current ratings of the passive components and
semiconductors [45]. Hence, the synchronous IBC topology is
selected for the dc–dc stage.

For an IBC, the number of phases interleaved n directly
impacts the phase current dc component Idc and ripple quan-
tities 1iin and 1vout. Therefore, it is imperative to select
the optimum phases to achieve tradeoff between these per-
formance metrics, component count, and cost. Fig. 2 plots the
variation with n for Idc and normalized 1iin and 1vout, with
respect to single phase, for the maximum boosting scenario
(500 V on the dc side). The expressions for normalized 1iin
and 1vout are obtained from the analysis, as presented in [46].
The variation of 1iin and 1vout with n is identical, and all three
metrics follow an inverse relation with n. For n < 4, the drop
in all three quantities is significant, whereas, for n > 4, it is
moderate. Therefore, for the given GIC parameters, n = 4 is
deemed optimal and is finalized.

2) DC–AC Stage: In contrast to the standard two-level (2L)
topology employed predominantly in GIC, such as in [17],
2L split-phase (2L-SP) topology with sinusoidal pulsewidth
modulation (SPWM) is chosen for the dc–ac stage. 2L-SP
topology comprises P- and N-cells, with split inductors Ls
connected between the midpoint of these cells (see Fig. 1).
The topology working principle is discussed in detail in [47].

Compared with the traditional 2L inverter, 2L-SP offers
lower switching loss and mitigates risks of mistriggering under
high dv/dt conditions [38], [47], [48], [49]. A comprehensive
device loss analysis is conducted for a 2L-SP three-phase
inverter with SPWM in [38]. The analysis covers device loss
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Fig. 2. Variation of IBC phase current and ripple quantities. (a) Idc. (b) 1iin. (c) 1vout.

variation with key performance metrics, including SPWM
modulation index (m), switching frequency ( f ), power factor
angle (�), and conduction current amplitude (Icm). According
to the results, the device loss variation with performance
metrics (m, f , �, and Icm) for 2L-SP is always upper bounded
by that of the 2L inverter. Furthermore, the experimental
efficiency comparison plot for the 2L and 2L-SP prototypes
shows that the efficiency of 2L-SP is higher than for 2L
and the increase in efficiency increases with an increase in
frequency. This trend makes 2L-SP more favorable for SiC
devices.

Moreover, due to split inductors, dv/dt at midpoint/ac
output of the phase leg is reduced [50]. From the
EMI/electromagnetic compatibility (EMC) perspective, the
lower dv/dt provides a potential benefit of lowering common-
mode (CM) emissions. The CM EMI benefit has been
investigated using the developed GIC hardware in [51], where
a maximum of 17.85-dB reduction in the 10–30-MHz fre-
quency range is achieved. Moreover, the slower voltage rise
is beneficial for mitigating reflective wave phenomenon [51],
[52]. Finally, the presence of split inductors also contributes
to a lower rate of rise of current during switch short circuits
or grid faults [5], [53].

B. Power Device Selection
For high-power applications, such as the proposed GIC,

power device selection is critical as it directly impacts
both the electrical and thermal performance of the sys-
tem and the underlying EMI emissions. Power modules are
preferred for high-power applications owing to their opti-
mized layout and tight integration, resulting in minimum
parasitics. However, compared with discrete devices, the
cost-to-power ratio for power modules is higher. Moreover,
at present, there are no commercially available power mod-
ules combining P- and N-cells in a single package for the
2L-SP topology for the dc–ac stage. Therefore, for build-
ing 2L-SP with power modules, separate power modules
intended for the buck (P-cell) and boost (N-cell) applica-
tions are needed, which, compared with the standard half-
bridge configuration, have limited options and commercial
availability.

Another approach to address the commercial unavailability
of power modules that combine P- and N-cells for 2L-SP is to
replace these cells with half-bridge and employ synchronous
rectification style modulation. This configuration offers abun-

dant options with power modules as it can be built using six
half-bridge or three full-bridge SiC power modules, which are
widely available due to their extensive usage across various
applications. However, the demerit of this configuration is
that it requires six extra gate drivers and embedded system
peripherals for the gate drive control, making it impractical
and economically infeasible.

Table II compares key performance metrics between discrete
TO-247 package and power module-based SiC device options
screened for the proposed GIC. Commercial availability with
lower lead time is the primary factor influencing the selection
of power modules. For the dc–dc stage, ample options for
the half-bridge configuration of each IBC phase are available,
and CAB016M12FM3 from Wolfspeed is finalized owing to
its smaller footprint and lower COSS. However, for the dc–ac
stage, only one feasible buck (P-cell) and boost (N-cell) power
module pair with an adequate current rating capacity from
ROHM is identified [54], [55].

For the discrete version, several devices from different
manufacturers are evaluated using an in-house developed
model-based optimization (MBO) algorithm [56], [57], [58].
The algorithm takes the static and dynamic characteristics
of the devices and the rated operating conditions of the
converter as input to generate efficiency versus frequency and
efficiency versus load plots for all the devices. Based on the
results, the C3M0016120D SiC MOSFET from CREE and the
FFSH50120A Schottky Diode from Onsemi are selected due
to their performance and availability in stock.

The discrete option for the dc–ac stage has two times
lower cost-to-power ratio and a smaller footprint per phase
leg compared to the power module option. The cost-to-power
ratio is based on the price during the device selection phase.
Furthermore, the footprint per phase leg for the dc–ac stage
with power modules is 470% higher than the discrete solution
since two separate power modules in P- and N-cell config-
urations are required. Consequently, the footprint and heat
sink size of the converter-level package using power modules
are larger than with discrete devices, lowering power density
with increased device cost. Besides this, from the electrical
performance perspective, the power module version has a
higher COSS per position than the discrete version, implying
high switching loss and lower switching speed. Therefore,
based on the metrics comparison, the discrete version is
deemed viable and selected for the development of both the
dc–dc and dc–ac converter stages.
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TABLE II
SIC DISCRETE AND POWER MODULE DEVICE SOLUTIONS FOR THE PROPOSED GIC

Fig. 3. 2-D converter-level packaging conceptual layout.

Sections III–VI discuss the design of major converter-level
packaging-related components of the GIC.

III. CONVERTER-LEVEL PACKAGING

With discrete devices, one of the prime objectives is to
increase the power density while ensuring optimum thermal
performance, which relies on the heat sink. The heat sink
design depends on the converter-level packaging, which is,
in this case, determined by the packaging and assembly of
dc–dc and dc–ac stages and the overall footprint of the GIC.

Fig. 3 shows a 2-D concept layout where the converter
assembly is arranged laterally. For cooling, separate heat sinks
are utilized for the dc–dc and dc–ac stages due to dc link
capacitors in between. The 2-D design is more straightforward
and allows easy access to components. However, this is
achieved at the expense of low power density and a larger
footprint, as only the top side of the heat sink is utilized
for heat dissipation. Moreover, dc link capacitors between the
dc–dc and dc–ac stages’ heat sinks also impede the airflow,
requiring a custom-designed airflow duct.

Recently, 3-D packaging for power converters has gained
momentum. A half-bridge, three-sided cooled power module
is proposed in [59], where the power devices are placed on
top and side faces of the heat sink. Following this approach,
a 3-D stacked concept layout is proposed where three faces

(two sides and the top) of the heat sink are utilized for cooling,
as shown in Fig. 4. The dc–dc stage is split into two boards,
each comprising two phases, placed on the side faces of the
heat sink. The dc–ac stage is arranged on the top side of the
heat sink, with the dc link capacitor PCB sitting on top of
it. The P- and N-cell midpoint terminals are taken out on
dc–ac stage PCBs separately. This layout allows for the dc–ac
stage to be configured as simple 2L or 2L-SP. The dc link
board is interfaced with dc–dc and dc–ac PCBs using copper
bus bars and tabs. Finally, on top of the dc link capacitor
board, an interface board containing dc–dc stage inductors and
capacitors is stacked.

From a power density perspective, the 3-D packaging
concept, with identical PCB board dimensions and including
passive components, provides an overall power density of
5.5 kW/L and a 35% reduction in heat sink volume compared
with the 2-D concept layout. Hence, the 3-D layout in Fig. 4
is chosen for the converter-level packaging.

IV. THREE-FACE UTILIZED HEAT SINK DESIGN

Compared with the traditional fin-based heat sink design,
the three-face utilized heat sink in the proposed 3-D packaged
layout in Fig. 3(a) needs to dissipate heat from all three
sides. Furthermore, it needs to provide mechanical support
for PCB boards and passive components such as dc link
capacitors. These heat sink performances depend on the fin
design/geometry and device loss distribution for both converter
stages.

The loss per device for the GIC is estimated using the MBO
approach [56] for the maximum power output of 75 kVA. For
MOSFETs (S1–S14), the ON and OFF gate resistances RGon
and RGoff are considered to be 5 and 2.4 �, respectively.
The loss per device (S1–S8) for the dc–dc stage estimated is
68.75 W. Furthermore, the loss per device per position for
the dc–ac stage with 10-µH split inductance is estimated to
be 40.83 W for S9–S14 and 17.5 W for D9–D14, respectively.
The loss values constitute the two-stage power semiconductor
efficiency value of 98.4%. In addition, for comparing 2L-SP
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Fig. 4. 3-D converter-level packaging conceptual layout. (a) Trimetric view.
(b) Exploded view.

with 2L, a loss calculation is also performed for traditional 2L
topology for the dc–ac stage. The calculated loss for S9–S14
and D9–D14 is 65.5 and 4 W, respectively, resulting in a
two-stage efficiency of 98.15%, which is 0.35% lower than
with 2L-SP.

A. Heat Sink Geometries
Fig. 5 shows heat sink geometries, initially considered for

the heat sink design [60]. The heat sink base thickness is kept
at 8 mm on all sides to ensure optimum heat spreading and
sufficient space for screws holding the power devices.

The vertical fin design has the drawback of only dissipating
heat from the top side. According to the loss analysis, the
dc–dc stage devices placed on the side faces have the highest
power dissipation. Since there are no fins channeling heat
from the sides, the vertical fin design brings concerns about
overheating of dc–dc stage switches. The concern is overcome
by the hybrid fin design in Fig. 5(b), with a lattice structure

Fig. 5. Heat sink geometries. (a) Vertical fin. (b) Hybrid fin. (c) Tree structure.
(d) Circular hole.

(combination of vertical and horizontal fins) for the side faces
for channeling the heat toward the interior of the heat sink.
However, the hybrid fin design suffers from high manufactur-
ing costs due to cut extrusion for the lattice part. Furthermore,
the room for optimization of fin spacing is limited due to the
proximity of fins.

Fig. 5(c) presents a classic tree-like structure generated
through topology optimization [61]. Topology optimization
is devoted to finding the optimal material distribution for a
desired performance. In this case, the objective of the topology
optimization is to maximize the thermal compliance of the
heat sink in consideration of heat conduction and convection
effects. However, the fabrication of a tree-like structure is
intricate with the conventional CNC process. Also, similar to
the vertical fin design, the tensile strength of this structure is
lower, especially in the middle of the heat sink.

The cylindrical hole-based design in Fig. 5 is cost-effective
and provides optimal thermal performance. For instance,
in [59], the approach is shown to keep the maximum tem-
perature of the device to 94.4 �C. Besides this, the design
provides better mechanical stability as the heat sink serves
as the chassis for PCB boards and passive components. Deep
threaded holes can be used to tight threaded rids to support
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Fig. 6. Maximum junction temperature variation with Nh and Nv.

fans and passive components. Finally, the heat sink bottom
base is solid, providing an additional provision for chassis
mounting of the GIC to the NEMA box enclosure. Owing to
these benefits, the cylindrical hole-based design is chosen for
the proposed 3-D packaging.

B. Parametric Study for Optimal Design
The design of a cylindrical hole-based heat sink involves

finding the optimal number of holes in the horizontal Nh and
vertical Nv direction. For this purpose, a parametric thermal
study (18 cases) is performed in SOLIDWORKS with Nh and
Nv swept from 18 to 28 and 4 to 8, respectively.

The heat source for each device is simulated using a copper
pad with dimensions equal to that of the TO-247 package. The
heat sources are set to their respective power dissipation values
estimated using MBO. Furthermore, a thermal interface is also
inserted between the copper pad and heat sink with a thermal
resistance of 0.3 �C/W. The thermal interface represents the
aluminum oxide (Al2O3) heat pads, selected for the GIC for
providing electrical insulation between the device and the heat
sink. Finally, aluminum 6061 (T6) is chosen as the heat sink
material for the study.

The heat sink design is based on forced air cooling, for
which the heat convection coefficient is a crucial parameter,
impacting the thermal performance. According to [62], the
natural air convection coefficient ranges from 5- to 25-W/m2K
range, whereas the convection coefficient for forced air cooling
lies within 25–250-W/m2K range. The given study’s ambient
temperature is set to 25 �C. A natural convection coefficient
of 15 W/m2K is applied to the face of the heat sink, and a
forced air convection coefficient of 150 W/m2K is applied to
inner hole surfaces.

Fig. 6 summarizes the results for all 18 cases. The maximum
heat pad temperature falls exponentially with Nv and Nh.
The maximum temperature values are below the maximum
allowable junction temperature TJ for SiC devices (175 �C).
The minimum temperature is reached for Nh = 28 and Nv =
8 with a value of 93.76 �C whereas the maximum junction
temperature occurs for Nh = 18 and Nv = 4 with a temperature
value of 116.5 �C. Although increasing the number of holes

Fig. 7. Heat sink temperature heat map for Nh = 22 and Nv = 6.

effectively lowers the temperature (see Fig. 6), but the extent
of reduction in temperature decreases as the number of holes
is increased. Moreover, from a manufacturing perspective,
drilling many closely spaced holes for a small gain in thermal
performance is not viable. For instance, the horizontal and
vertical hole edge spacing for Nh = 28 and Nv = 8 is 2.81 and
1.29 mm, respectively. With a heat sink depth of 130 mm,
drilling holes with less spacing is costly and time-critical. The
Nh = 22 and Nv = 6 configuration offers decent performance
near to that of Nh = 28 and Nv = 8 with adequate 5.33- and
4.2-mm horizontal and vertical hole edge spacing. Owing to
this, Nh = 22 and Nv = 6 layout is selected as the final design.

The thermal distribution for Nh = 22 and Nv = 6 con-
figuration at 75-kVA power output is presented in Fig. 7.
The average temperature levels at 57 �C and the maximum
temperature (97.74 �C) are observed for the dc–dc stage
devices, which is < 175 �C (maximum allowable TJ).

C. Experimental Validation
A thermal test bench is set up to validate the performance

of the final heat sink design. The thermal camera is positioned
to capture the trimetric thermal image at maximum power
dissipation. Owing to the power supply limitation for testing
the GIC at 75 kVA, the power devices are replaced with power
resistors in the TO-247 package. The resistor values are chosen
such that the power dissipation matches the estimated values
from MBO at 75 kVA output. For electrical insulation, 3-mm
Al2O3 ceramic-based thermal pads from Fischer Elektronik
are placed between the device and the heat sink. The thermal
pads provide excellent dielectric strength of 10 kV/mm with
0.3 �C/W thermal resistance. Furthermore, four fans from
Sanyo Denki with 37.1 CFM airflow capacity are operated
at full power for forced air cooling [63]. Fig. 8 shows the
experimental setup and measured thermal image. The heat sink
is painted with flat black spray paint to increase the emissivity.
The average heat sink temperature levels at 65.5 �C, which is
closer to the simulated value of 60 �C, justifying the efficacy
of the proposed heat sink design.

V. MAGNETICS DESIGN AND WINDING LAYOUT
OPTIMIZATION

The boost and split-phase inductors are built using the high
flux (HF) toroid as the core material from Magnetics, which
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Fig. 8. Test results. (a) Developed heat sink with TO-247 power resistor
boards. (b) Flat black painted heat sink (two coats). (c) Thermal distribution
at 75 kVA (emulated).

provides an optimum balance between core loss and dc bias
performance. The inductors are constructed using 18/18 Litz
wire to alleviate the skin effect on ac resistance.

A. DC–DC Stage
For the four-phase IBC, the value of phase inductance L

depends on the duty cycle D, input voltage Vg, switching
frequency fSW, and ripple 1iL. Generally, 1iL is chosen
to 10% to 30% of the phase dc current Idc component at
maximum power P [64], [65], [66]. By expressing 1iL = ↵ Idc
where Idc = 0.25P/Vg for four-phase IBC, the following
expression is obtained [64]:

L =
2V 2

g D
fSW↵P

. (1)

In (1), L varies inversely with ↵ and the optimum value
of L is the knee point of the L versus ↵ curve. For the
maximum boosting scenario for the proposed GIC (500 V
on the dc side), the knee point using (1) is at ↵ = 0.2,
with a corresponding L value of 180 µH. Therefore, this L
value is finalized for the dc–dc stage. Furthermore, for the

inductor core, two stacked 26-µ HF cores from Magnetics
(0058908A2) are chosen to achieve 180 µH with 48 turns.
The estimated maximum reduction in inductance due to dc
bias at rated power is approximately 4%.

The performance of an inductor is contingent upon
the winding layout, which determines the parasitic capaci-
tance. The parasitic capacitance results from the turn-to-turn
(intralayer and interlayer) and turn-to-core capacitances, which
are distributed across the winding. The interlayer turn-to-turn
capacitance exists in a multilayer winding, contributing signif-
icantly to the total capacitance due to nonadjacent turn-to-turn
coupling [67]. However, for the chosen core, a minimum of
two layers are required to wind 48 turns due to the limited
inner circumference of the core. Hence, interlayer turn-to-turn
is unavoidable, and the winding layout needs to be optimized
to lower the parasitics.

Among various multilayer winding approaches, the direct
winding technique has been proven effective in reducing
parasitic capacitance due to its constant voltage gradient across
turns and its simplicity of implementation [68]. Toroidal
inductors inherently employ direct winding since each layer
starts exactly above the previous one. However, even with
direct winding, a significant amount of distributed parasitic
capacitance remains, leading to multiple series and parallel
resonance points in the impedance at lower frequencies (a few
megahertz) [35]. To address this issue, a split-direct winding
approach has been proposed in [35], which involves dividing
the winding into multiple sections. This technique has shown
to be promising in reducing the distributed capacitance of
a medium-voltage (MV) transformer, shifting the series and
parallel resonance points to higher frequencies [35].

Fig. 9 illustrates two inductor prototypes developed for the
dc–dc stage using the direct and split-direct winding tech-
niques in Fig. 9(a) and (b), respectively. The direct winding
inductor consists of 48 turns across two layers, while the
split-direct winding inductor has three sections, each with
16 turns, distributed over two layers. The impedance mea-
surements and corresponding fit models for both inductors
are presented in Fig. 10. The models are obtained using the
vector fitting (VF) technique with enforced passivity [69], [70].
Although several inductor impedance models are proposed
in the literature, their characterization process is complex
and tedious [71], [72]. In contrast, the VF algorithm fits the
measured impedance and generates a higher order rational
function in the s-domain. This function can then be used to
synthesize a high-fidelity two-terminal circuit model by using
prescribed circuit building blocks [73]. The obtained model
can be incorporated into a time-domain converter simulation
in SPICE to quickly analyze the performance of the component
without hardware prototyping, eventually speeding up the
design process.

It is pertinent to mention that VF does not provide symbolic
expression for inductor design purposes. This is because VF
is data-driven and adjusts the number of poles/zeros in the
rational function according to the provided frequency-domain
response. For instance, for the direct winding prototype
in Fig. 9(a), the fit rational function obtained through VF
comprised one real pole and five complex pole pairs. The
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Fig. 9. Boost inductor winding approaches. (a) Direct (48 turns). (b) Split
direct (three sections of 16 turns).

five complex pole pairs are used to model the resonances
and antiresonances at high frequencies. In contrast, for the
split-direct prototype in Fig. 9(b), the fit rational function
comprised one real pole and one complex pole pair. Therefore,
for an inductor, depending on the high-frequency response,
VF yields different rational functions to accommodate the
resonances at high frequencies due to winding parasitic capac-
itance.

Fig. 11 depicts the final equivalent circuits for the inductors,
derived by translating the VF rational function using the circuit
blocks proposed in [73]. The RL branch, in black, represents
the primary inductance, while the RLGC branches, in red,
model the high-frequency behavior. The model for the direct
winding prototype has multiple RLGC branches, resulting in
multiple series and parallel resonances. This is also evident in
the impedance measurements of the direct winding inductor
prototype, which exhibits resonances in the 1–50-MHz range.
In contrast, the split-direct winding inductor prototype shows
only one parallel resonance within the 1–50-MHz range.

During the switching transition, dv/dt excites the series
resonances, leading to ringing in the inductor current [74]. The
oscillations contribute to the switching loss and bring concern
about crosstalk in nearby control circuits and signal lines [75].
The ringing amplitude is related to the exciting harmonic
amplitude [35], [74]. Assuming a trapezoidal approximation
of the voltage pulse, the harmonic amplitude decreases with
a slope of 20 dB/decade followed by 40 dB/decade. Hence,
a series resonance at a high frequency will have a lower
excitation than a resonance at a lower frequency.

The direct winding inductor prototype exhibits multiple
series resonances, with the first series resonance occurring
at a lower frequency of 6.8 MHz. Consequently, during the
switching transition, the inductor current exhibits substantial
modulated ringing, excited by the switching dv/dt . This mod-
ulated ringing pattern arises from the superposition of multiple
series resonances as observed in the impedance response
depicted in Fig. 10.

For assessing and comparing the extent of ringing under full
rated power (75 kW), a SPICE simulation is performed for the
dc–dc stage employing equivalent circuit models illustrated in
Fig. 11. Fig. 12 presents an excerpt of the inductor current
waveform for both inductor prototypes in the steady stage. The
direct winding prototype exhibits pronounced, slowly decaying
modulated ringing, with a 5.5% overshoot above the peak
current. In contrast, the split-direct winding prototype shows

Fig. 10. Impedance measurement and fit models for the developed inductor
prototypes. (a) Direct winding. (b) Split-direct winding.

Fig. 11. Equivalent circuit models for the developed inductor prototypes.
(a) Direct winding. (b) Split-direct winding.

a lower extent of ringing, with a single ringing frequency
of 52 MHz and a mere 0.4% overshoot above the peak current.

Finally, based on simulation results in Fig. 12, the
split-direct winding layout is selected as the final configuration
for boost inductors in the dc–dc stage.

B. DC–AC Stage
The 2L-SP topology provides better device switching per-

formance and efficiency than the 2L topology due to the
decoupling of P- and N-cell parasitics by split inductors Ls
[38]. However, there is currently no established guideline
for designing split inductors in the literature. Hence, it is
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Fig. 12. Simulated inductor current comparison at 75-kW power.

Fig. 13. P-cell Ls current comparison for Ls = 0.5 and 10 µH at 75-kVA
output.

imperative to analyze the 2L-SP topology and develop an
approach for optimal sizing of Ls.

The split inductors in 2L-SP experience current spikes 1is
during the switching transition, incurring core losses [50].
During the switching transition, the output capacitances of the
MOSFET (COSS) and diode (CJ) interact with split inductors
Ls, resulting in transient voltage, which leads to a current
spike. The cause of transient voltage is due to delay in the
rise of node voltages due to Ls. For instance in Fig. 1, when
S10 turns off and S9 turns on, the voltage of midpoint of
P-Cell (S9-D10) rises quickly with dv/dt of S9, whereas the
voltage of midpoint of N-Cell (S10–D9) rises with a delay tr.
The difference between these-midpoint voltages appears on
Ls, leading to the current ramp-up.

Increasing the value of split inductors effectively lowers
the magnitude of spikes but at the cost of bulkier magnetic
design [50]. Fig. 13 compares the simulated current for one
fundamental cycle (60 Hz) through P-cell’s Ls for 75-kVA
output for Ls = 0.5 and 10 µH. For Ls = 0.5 µH, 1is is
considerably higher than for Ls = 10 µH. Furthermore, the
spike magnitude 1is is evident to vary with the fundamental
current, implying that the initial condition of Ls current
i Ls(0�) affects 1is.

Fig. 14. 1is variation with Ls for i Ls(0�) = 0.

A closed-form expression for 1is can be derived by
extending and solving the equivalent circuit derived for the
three-phase inverter in [50] (see the Appendix). The resulting
expression for 1is and its associated components vL(t) and tr
are

vL(t) = Vdc

2
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(4)

vL(t) represents the transient voltage appearing across Ls
until the voltage reaches the final value. tr represents the time
duration of the transient. Vdc is the dc link voltage, and C
denotes the sum of MOSFET’s COSS and diode’s CJ (C =
COSS+CJ). According to (4), the initial condition term i Ls(0�)

aids in lowering 1is, implying that maximum 1is occurs for
i Ls(0�) = 0. Hence, from the Ls design perspective, i Ls(0�)

can be set to zero to yield maximum value of 1is.
Fig. 14 shows the variation of maximum 1is with Ls for

the proposed GIC converter (see Table I). The MOSFETs and
diode capacitance COSS and CJ are extracted from the datasheet
at 800 V. 1is follows an inverse relation with Ls. For lower
values of split inductance (Ls < 2 µH), 1is falls steeply as
Ls increases. However, for larger values (Ls > 12 µH), the
reduction in 1is with increasing Ls is minimal. Therefore,
increasing Ls above the knee point is not effective, as the
minimal reduction in 1is is overshadowed by the increase in
copper loss due to the increase in the number of turns required.

The selection of the optimal Ls value is contingent upon the
core material, which determines the core losses Pco and copper
losses Pcu. Owing to its smaller footprint and volume with
optimum dc bias performance, the HF toroid core 0058191A2
from Magnetics is selected. Fig. 15 shows the variation of
calculated Pco, Pcu, and the total loss PLs = Pco + Pcu at
75 kVA. Pco is estimated using an algorithm based on iGSE,
developed by authors in [76]. The algorithm splits the flux
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Fig. 15. Calculated Pco, Pcu, and PLs loss variation with Ls for the Magnetics
0058191A2 toroid.

density waveform into major and minor loops and sums them
over the fundamental cycle.

For Pcu estimation, the skin effect is considered. The
current through the split inductor comprises dc, fundamental
frequency fO (60 Hz), and switching/carrier frequency fC
(30 kHz) harmonics. Due to the skin effect, the ac resistance
Rac of the conductor is different for each frequency. For this
purpose, Rac of the conductor for each frequency is calculated
using the formula for Rac for conductors with circular cross
section, as derived in [77]. The current amplitudes for different
harmonics are obtained through SPICE simulation. Finally, Pcu
is calculated by adding up the losses for dc and the first ten
dominant harmonics of fO and fC.

Pco, similar to the relationship between 1is and Ls, exhibits
an inverse relation with Ls. This inverse trend is attributed to
the reduction in core losses of minor loops as Ls increases.
During the switching transition, current spikes occur in Ls,
forming minor loops. As Ls increases, the spike amplitude
and the associated flux swing of minor loop decrease, lowering
Pco. In contrast, Pcu follows a nonlinear increasing relationship
(Pcu / p

Ls) with Ls. This trend is attributed to an increase in
the number of turns with an increase in Ls. Finally, the total
underlying loss, PLs, exhibits a steep decrease for lower values
of Ls. The minimum loss, with a value of 25.42 W, is achieved
at Ls = 10 µH. Beyond this minimum point, the increase in
PLs is gradual. Therefore, Ls = 10 µH is the optimal value
for the given core, conductor thickness, and maximum rated
current and is finalized for the dc–ac stage.

VI. POWER PCB LAYOUT DESIGN AND OPTIMIZATION

Fast switching with SiC devices results in high dv/dt and
di/dt during the switching transition, possibly resulting in
significant voltage overshoot across the device. The extent of
voltage overshoot is directly related to the power loop induc-
tance, which comprises the device package’s lead inductance
and the PCB’s parasitic inductance [16]. Hence, lowering the
power loop inductance is desired to maximize the benefit of
the fast switching capability of SiC devices. Since the device
package’s lead inductance is fixed and depends on the package
type, the PCB inductance LPCB is the only parameter that could
be optimized in lowering the power loop inductance.

Fig. 16. Different four-layer PCB stack-up for the P-cell. (a) Layout 1.
(b) Layout 2. (c) Layout 3.

For PCBs, the power loop can be arranged laterally or
vertically. Compared with lateral, the vertical loop layout uses
a field self-cancellation method to reduce the loop induc-
tance [28]. The PCB layers are stacked so that high-frequency
current flows in opposite directions in layers, leading to
flux cancellation. The extent of flux cancellation follows an
inverse relation with the thickness of the board or interlayer
spacing [16]. Considering the flux cancellation benefit of the
vertical loop over the lateral loop, the former is chosen for the
power PCB layout for both dc–dc and dc–ac stages.

Due to the high current carrying requirement and PCB cost,
a 1.6-mm four-layer PCB layout with two 3-oz conductor
layers per node is finalized. The conductor layer thickness is
selected based on the temperature rise curves in the IPC-2221
standard [78]. The estimated temperature rise in still air at
75 kVA is around 8 �C for the dc–dc stage and 14.5 �C for
the dc–ac stage PCBs. The temperature rise for the dc–dc stage
is lower as each phase of the four-phase IBC carries one-fourth
of the total current.

With four layers, there are three different layers stack-up
possible. For instance, Fig. 16 shows the side view of three
different layouts for the P-cell of the dc–ac stage phase leg.
The interlayer spacing according to layer stack-up information
obtained from the manufacturer for 1.6-mm total PCB thick-
ness is also labeled. DCN, DCP, and MIDP represent the dc
positive (Vdc), the dc negative (0), and the midpoint of the
P-cell, respectively. The first PCB layout (Layout 1) employs
interleaved layers, effectively creating three vertical loops that
maximize flux cancellation. In contrast, Layout 2 involves
interchanging the bottom two layers of Layout 1, resulting in
two vertical loops. Likewise, the third Layout 3 interchanges
the middle two layers of Layout 1, forming a single vertical
loop.

From the perspective of LPCB, it is evident that Layout
1 is optimal by achieving maximum flux cancellation due
to low interlayer spacing for loops 1 and 3 and an addi-
tional small flux cancellation provided by the inner loop 2.
However, it is important to consider that this layout also
results in an increased overlap of layers at different potentials,
introducing significant PCB parasitic capacitance CPCB. The
consequence of this capacitance is a potential slowdown
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TABLE III
PCB PARASITICS COMPARISON

in device performance and an increase in switching losses,
thereby negating the benefits of having a lower LPCB [29].

To thoroughly analyze the influence of CPCB, simulations
are conducted for all three layouts (Layout 1, Layout 2,
and Layout 3) using ANSYS Q3D with a solver frequency
of 100 MHz. The layers are drawn according to the converter
dimensions and positions of the devices finalized in the
converter packaging phase. The DCP and DCN layers have
vias around the decoupling capacitors to ensure that all vertical
loops are effective in flux cancellation. Finally, the layers
are stacked according to the respective layouts and interlayer
spacing in Fig. 16.

Table III provides a comparison of extracted LPCB and CPCB
for all layouts. CPT and CPB represent the total capacitance
observed at the vias on the PCB where the top and bottom
devices leads are soldered. Layout 1 exhibits the highest value
of CPT and CPB, followed by Layouts 2 and 3. However
compared with Layout 2, the reduction in capacitance for
Layout 3 is maximum (90%). This is because, for Lay-
out 3, the capacitance solely originates from the overlap of
internal layers 2 and 3 with significantly large interlayer
spacing. Furthermore, compared with CPT, CPB exhibits a
higher value, which is primarily attributed to the increased
overlap between node MIDP and DCN resulting from the
symmetrical positioning of the output terminals for both P- and
N-cells.

On the other hand, transitioning from Layout 1 to Layout
3 leads to an increase in LPCB, but the increase in LPCB is
negligible compared to the lead inductance of the TO-247
package, which is approximately 9 nH [79], [80]. Therefore,
Layout 3 with lowest CPT and CPB appears to be optimal.
To corroborate this, a double-pulse test (DPT) simulation is
performed in LTspice for the P-cell at rated conditions for all
three layouts using the respective PCB parasitics in Table III
and the selected discrete devices’ SPICE model. The gate
resistances RGon and RGoff are set to 5and 2.47 �, respectively.

Fig. 17 compares the drain–source voltage vDS(t) and the
device current iDS(t) for the ON and OFF transients of one
device of the P-cell for all three layouts. As can be seen, vDS(t)
for Layouts 1 and 2 falls with low dv/dt values of 15.82 and
16.75 V/ns, respectively. In contrast, vDS(t) for Layout 3 falls
with roughly 1.8 times higher dv/dt than Layouts 1 and 2.
This is attributed to the lower value of CPCB (CPT and CPB).
Furthermore, another consequence of large PCB capacitance
can be seen in iDS(t) for Layouts 1 and 2, where the peak
value for both layouts is around 1.4 times higher than for
Layout 3. Likewise, for the turn-off transient in Fig. 17(b),
vDS(t) for Layout 3 rises with a dv/dt of 37.46 V/ns, 2.1 times
higher than Layouts 1 and 2. Furthermore, the difference in
overvoltage amplitude between Layouts 1–3 is minimal as the

Fig. 17. Simulated comparison of vDS(t) and iDS(t) of one device of P-cell
for all three layouts. (a) Turn-on transient. (b) Turn-off transient.

Fig. 18. Exploded view of developed PCB layouts (four layers): (a) dc–dc
stage (two phases) and (b) dc–ac stage (phase leg).

increase in LPCB (LP) from Layouts 1 to 3 is smaller than the
lead inductance of the TO-247 package. Moreover, in both ON
and OFF transients, the waveforms for Layouts 1 and 2 are
similar owing to small the difference between LPCB (LP) and
CPCB (CPT and CPB).

Based on the results in Fig. 17, it is evident that Layout
3 provides optimal switching performance and is, therefore,
finalized for both dc–dc and dc–ac converter stages. Fig. 18
shows the designed PCB layout for dc–dc and dc–ac stages.
For the dc–dc stage in Fig. 18(a), two phases (half-bridges)
are combined in a single board with mid-points CH1 and
CH2, respectively. Similarly, the dc–ac stage phase-leg PCB
comprises P- and N-cells with their associated mid-points
MIDP and MIDN. Due to the symmetry of the layer stack-up,
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Fig. 19. Bottom device DPT results for the dc–dc stage board. (a) Channel 1. (b) Channel 2.

the extracted inductance values for both phases for the dc–dc
stage and P- and N-cells for the dc–ac stage are nearly equal.

Finally, the proceeding analysis suggests that if the PCB
inductance for all possible layouts is smaller than the lead
inductance of the TO-247 package, then the PCB layout with
minimum PCB embedded capacitance is optimal.

A. Dynamic Characterization
To evaluate the dynamic performance of the designed lay-

outs, DPTs are performed for both dc–dc and dc–ac stage
boards at the rated dc link (800 V). The ON and OFF gate
resistances RGon and RGoff of the gate driver for both converter
stages are set to 5 and 2.4 �, respectively. The gate resistance
values are chosen to limit the percentage voltage overshoot
within 20% of the device drain–source breakdown voltage
VBR [81], [82]. The drain–source voltage vDS is measured
by THDP0200 isolated differential probe from Tektronix. The
device and inductor currents iDS and iL are measured using
CWT Ultra Mini and CWT Mini Rogowski current probes
from PEM.

For the dc–dc stage, the peak current through the device
per phase is 46 A, as shown in Fig. 12. Owing to this, DPT
is performed with a maximum current of 60 A at 800 V.
The results for the bottom device DPT for Channels 1 and
2 with mid-points CH1 and CH2, respectively, are presented
in Fig. 19. The voltage overshoot at turn-off observed for both
channels is under 950 V with dv/dt of 34 V/ns.

For the dc–ac stage, the peak current amplitude at 75 kVA
is 128 A, for which two devices are paralleled per position (see
Table I). Furthermore, from the switching transient perspec-
tive, split inductors Ls decouple the P- and N-cell parasitics
during the switching transition as Ls is much larger than LPCB
and device package lead inductance. Hence, the P- and N-cell
power loops are decoupled and can be characterized separately
by performing DPT on each cell separately [83]. Fig. 20 shows
the DPT results for both P- and N-cells at 800 V and 140 A.
The voltage overshoot at turn-off observed for both channels is
under 930 V with dv/dt of 43 V/ns. Furthermore, the current
among two paralleled devices is well balanced during the
switching and conduction regions.

Compared with the N-cell, the device currents for the
P-cell appear to have ringing. The ringing occurs because the
Rogowski coil is looped around the source lead of the device

TABLE IV
CALCULATED SWITCHING LOSSES

instead of the drain lead. This positioning is necessary due to
limitations on the bending radius of the Rogowski coil’s loop
wire. Consequently, the loop is vulnerable to high dv/dt at
the midpoint, as discussed in [84].

The ON and OFF switching losses EON and EOFF of the
switching device are calculated from the measured DPT wave-
forms. To ensure V –I alignment, the procedure proposed
in [85] is adopted. The switching energies are tabulated in
Table IV. For N- and P-cells, the values are for the paralleled
device pair. The switching loss values for both channels (CH1
and CH2) of the dc–dc stage and N- and P-cells for the
dc–ac stage are nearly equal with small differences, which
can be accounted for the slightly different PCB parasitics.
For instance, for the P-cell layout in Fig. 18(b), the overlap
between MIDP and DCN is larger than for the MIDN and
DCP, leading to a slightly higher value of CPB, which results
in a higher EON for P-cell than N-cell.

VII. GIC HARDWARE TESTING

Fig. 21 shows the final 3-D packaged GIC converter hard-
ware assembled on the heat sink with dc–dc and dc–ac stages.
The L-shaped bus bars, connecting the dc link capacitor
board and top inductor board to the side dc–dc stage boards,
are 2.5 mm thick and 15 mm wide, achieving a current
density of 1.33 A/mm2. Similarly, the circular copper tabs for
connecting the dc link capacitor board to dc–ac phase boards
have a diameter of 10 mm, achieving a current density of
1.15 A/mm2 at 75 kVA. For the copper bus bar, the general
recommendation is to limit the current density to a maximum
of 5 A/mm2 [86]. For this value, the temperature rise of a bus
bar in still air is around 20 �C [87] above ambient. The current
density of the designed L-shaped bus bar and tab is much
lower than 5 A/mm2. Therefore, the expected temperature rise
is much lower than 20 �C.
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Fig. 20. DPT results for the dc–ac stage phase leg. (a) N-cell. (b) P-cell.

Fig. 21. GIC hardware prototype. (a) Trimetric view 1 (front). (b) Trimetric
view 2 (back).

Furthermore, the heat sink is made of aluminum 6061 (T6)
alloy. The alloy offers high-to-moderate strength, excellent
corrosion resistance, and superior machinability and weldabil-
ity. The 3-mm Al2O3 ceramic-based thermal pads from Fischer
Elektronik are placed between the device and the heat sink. For
forced cooling, four 60 ⇥ 60 mm fans with 37.5 CFM flow
rate per fan are attached on the back side of the heat sink.
Finally, four M3 threaded rods are tightened on the corners
of the heat sink top face to provide mechanical support to the
dc-Link PCB and the passive components.

The GIC converter assembly is mounted inside a National
Electrical Manufacturers Association (NEMA) standard enclo-
sure along with associated control and auxiliary components,
as shown in Fig. 22. The NEMA box dimensions are
3600 (L) ⇥ 2400 (W ) ⇥ 1200 (H ). The heat sink bottom side is
mounted to the base plate through six M8 screws. The input
and output power connections are drawn from a standardized
connector plate, from Stäubli, attached to the bottom face of
the NEMA box. For ventilation, 4⇥45 CFM fans are installed
on the lower side wall on both sides of the NEMA box
for channeling the air through the power stage components,
from the top side. The control card is placed on the top
side, further away from magnetics, to minimize coupling and
prevent noise coupling with sensors. Furthermore, a fiber
optic interface is utilized for PWM signal transmission to
the gate driver to augment signal integrity. Finally, the base
plate is meshed and grounded to all corners of the box
enclosure.

Fig. 22. GIC assembly inside NEMA box enclosure with auxiliary compo-
nents.

A. Experimental Setup

A test bench is developed for testing the GIC converter
and its advanced features. Fig. 23 shows the test setup. The
GIC converter is supplied from the dc side at 500 V from the
Spellman ST2P36 power supply capable of providing 12-kW
peak power output at 800-V dc. For control, a dedicated central
control terminal is setup that is interfaced to the GIC control
card through the data and the control channels based on serial
communication. The details about data and control channels
are discussed in [88]. Through the data channel, control
commands such as START/STOP sequences are sent while the
control channel sends the dc–ac stage ac references at 30 kHz.
For validation, SPWM is chosen for the dc–ac stage testing.

The GIC converter is systematically tested in three steps.
First, the dc–dc stage is tested standalone with its control.
Next, the dc–ac stage is tested. After successful independent
testing of the dc–dc and dc–ac stages, the two stages are
coupled and tested together.

B. DC–DC Stage Testing

For dc–dc stage control, the PI control technique is
employed. The PI controller is discretized using the backward
Euler technique and coded on the control card DSP with

Authorized licensed use limited to: SUNY AT STONY BROOK. Downloaded on January 08,2025 at 01:46:49 UTC from IEEE Xplore.  Restrictions apply. 



MIRZA et al.: CONVERTER-LEVEL PACKAGING AND OPTIMIZATION 2171

Fig. 23. Experimental setup.

Fig. 24. DC–DC stage test results. (a) Startup. (b) Steady state.

symmetric sampling [89]. The controller is first tuned on
the Typhoon HIL 402 platform to determine the values of
proportional Kp and integral Ki gains. The final values set are
Kp = 0.00004 and Ki = 50. Although increasing K p value
aids in making response faster, it is kept small as increasing it
causes the initial duty cycle to have an abrupt step at startup,
leading to an overshoot in phase current. Fig. 24 shows the
startup and steady-state waveforms. The dc link set point is
set to 800 V with the input voltage Vin set to 500 V. The
dc link voltage settles without overshoot to 800 V under
35 ms. Finally, with lower parasitics achieved by the split-
winding technique, the input current is clean of current ringing,
as evident in Fig. 24(b).

C. DC–AC Stage Testing
Two tests are performed to analyze the performance of

dc–ac stage hardware. The corresponding test waveforms are
shown in Fig. 25.

Fig. 25. DC–AC stage test results. (a) Modulation index step change.
(b) Continuous at the rated output voltage.

Fig. 26. Two-stage test results.

For the first test, the dynamic performance is tested [see
Fig. 25(a)], where a step change in modulation index (0.7–0.9)
is applied. The change can be reflected instantaneously with
reduced output load current. This is followed by the second
test, where the dc–ac stage is tested continuously with a
10-kVA RL load at the rated 480-V L-L rms output volt-
age with 800-V dc. The SPWM modulation index is set to
0.979 for the second test.

D. Two-Stage Testing
The dc–dc and dc–ac stages are coupled and tested at

10 kVA with RL load with 0.9 power factor, owing to
limitations on load rating and power supply output power.
The RL load is chosen because it allows active and reactive
current components to flow. The active current component is
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supplied from the dc–dc stage, while the reactive component
flows back to the load through the dc link capacitors. Fig. 26
shows the two-stage test results. The two-stage experimental
efficiency measured is 97.23%, which is higher than the
reported efficiency at 10 kVA for the 75-kVA GIC developed
in [17] and [19]. Furthermore, it is pertinent to mention that
the measured efficiency is for the light load condition (13.3%
loading) and is expected to increase at higher power.

VIII. CONCLUSION

With a vision to enhance efficiency and power density
and address interoperability issues in WBG-based power con-
verters for grid-interfaced applications, this article presents
an electromechanical–thermal design and 3-D converter-level
packaging of a SiC-based 75-kVA GIC. The GIC is a two-stage
dc–dc–ac self-reliant, scalable, modular building block with
standardized power interconnects. The dc–dc and dc–ac con-
verter stages are 3-D packaged on a cylindrical hole-based heat
sink to achieve optimal thermal performance and 5.5-kW/L
power density, including passive components. The dc side
has an input range of 500–800 V, while the ac side is a
standard 480-V L-L rms. For better EMI, crosstalk immunity,
and switching performance, 2L-SP topology is employed for
the dc–ac stage. The power stages are built using discrete
SiC devices in the TO-247 package with a two times lower
cost-to-power ratio than power modules. The board layout is
optimized to yield minimum board parasitic capacitance for
ensuring maximum utilization of the fast switching capability
of SiC. Likewise, for passive components, the split-direct
winding layout is adopted for magnetics to lower distributed
intralayer and interlayer winding capacitances, suppressing
current ringing. Finally, the developed GIC is tested at the
rated system voltage at 10 kVA. The light-load efficiency
achieved at 10 kVA is 97.23%, which is expected to increase
at high power.

As a part of future work, the authors’ focus is on enhancing
the magnetics design for both the dc–dc and dc–ac converter
stages to increase power density and efficiency. For the dc–dc
stage, an inverse-coupled planar inductor is being designed.
Compared with the uncoupled configuration, inverse cou-
pling between 180� phase-shifted channels lowers the channel
current ripple in conjunction with the input current ripple.
Furthermore, an improved core loss estimation model for
split inductors is being developed for the dc–ac stage. The
iGSE method employed in this article does not account for
the impact of dc bias and the magnetic relaxation process
resulting from constant flux. Furthermore, the authors also
plan to investigate the conducted EMI performance of the
developed GIC. The findings of these works will be shared
in future publications.

APPENDIX
DERIVATION OF 1iS FOR 2L-SP THREE-PHASE INVERTER

Fig. 27 shows the schematic of three-phase 2L-SP inverter.
According to Mirza et al. [50], during switching transition,
a transient voltage appears across Ls for time duration tr
leading to a current spike/ramp up. For any inverter modulation

Fig. 27. 2L-SP three-phase inverter schematic.

Fig. 28. S1A OFF ! ON and S2A ON ! OFF switching transition.

scheme, the switching transition happens in one phase leg at
a time. The other phases are clamped to V +

dc or V �
dc (power

ground). Taking phase A as an example, the two switching
transitions are S1A OFF ! ON and S2A ON ! OFF or S1A
ON ! OFF and S2A OFF ! ON. The symbolic waveforms for
S1A OFF ! ON and S2A ON ! OFF switching transition are
shown in Fig. 28.

The equivalent circuit during the switching transition com-
prises Ls and complimentary cell’s MOSFET and diode output
capacitances COSS and CJ. The equivalent switching transiting
circuit for phase A for S1A OFF ! ON and S2A ON !
OFF transition in the s-domain is shown in Fig. 29(a). The
current sources represent the inductor currents or capacitor
waveforms at the start of the switching transition. Assuming
the balanced system (iA + iB + iC = 0), the circuit can be
reduced to equivalent circuit 1 [see Fig. 29(b)], where phase
B and C parameters are lumped. This circuit representation
can be further reduced assuming RO and LO � Ls, which
is generally the case; otherwise, the significant output voltage
will drop across Ls. Hence, the middle branch containing Ls,
LO, and RO can be removed as its impedance is much higher
than the right parallel branch containing Ls, COSS, and CJ.
This yields the final reduced equivalent circuit model 2 in
Fig. 29(c), which is load independent, incorporates Ls initial
conditions, and is applicable for all phases.

For S1A OFF ! ON and S2A ON ! OFF, vs(t) = Vdcu(t)
and VO = 0, and for S1A ON ! OFF and S2A OFF ! ON,
vs(t) = Vdc(1 � u(t)) and VO = Vdc with nodes PA and
NA swapped and IA2 replaced with �IA1. vs(t) represents
MOSFET’s vDS(t), which is considered as a step voltage
source.
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Fig. 29. Phase A S1A OFF ! ON and S2A ON ! OFF switching transition
equivalent circuit model reduction. (a) Equivalent circuit 1. (b) Reduced
equivalent circuit 2.

Solving final reduced circuit model with C = COSS + CJ
yields the expressions for vOA(t), vNA(t)/vPA(t), time rise tr,
and 1i A1 = 1i A1 = 1is [see (5) and (6)].

A. S1A OFF ! ON and S2A ON ! OFF
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The expressions for tr and 1is yield the same absolute value
for both switching transitions. With IA1 = IA2 = i Ls(0�), the
generalized expressions for tr and 1is are
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